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EDITORIAL
The first article presents experimental research on heat transfer near 
the critical pressure and in the post-critical heat flux (CHF) region. 
The experiments were carried out using the SCARLETT test facility 
at the Institute of Nuclear Technology and Energy Systems, Univer-
sity of Stuttgart. Two test sections with different inner diameters (6 
mm and 10 mm) were used to investigate CHF and post-CHF heat 
transfer. The results show variations in heat transfer behaviour un-
der different pressures and heat fluxes, with particular attention to 
phenomena such as the »boiling crisis« and »upstream CHF.« This 
research improves the understanding of heat transfer in CO2-cooled 
systems, which is essential for the safety design of future nuclear 
reactor systems.

The article »Neutron Kinetics Modelling for Simulations of Loss of 
Coolant Accidents in The Nuclear Power Plants« discusses the limi-
tations of the Point Kinetics Equation (PKE) in simulating Intermedi-
ate Break Loss of Coolant Accidents (IB LOCA) in nuclear power 
plants. Using a 3D core modelling capability in CATHARE 3, the 
study highlights how heterogeneous voiding and slower dynamics in 
IB LOCA scenarios challenge the accuracy of current 0D neutronic 
models. The research shows that while PKE is effective for Large 
Break LOCA, it may result in conservative or under-conservative 
predictions in IB LOCA due to non-uniform fluid density and temper-
ature changes across the core. This work provides valuable insights 
into the complex phenomena of IB LOCA and lays the foundation for 
next-generation tools to improve nuclear reactor safety.

The third article introduces an innovative adaptive control strategy 
for wide-bandgap semiconductor-based inverters (SiC and GaN), 
aimed at improving energy efficiency, stability, and fault tolerance 
in high-frequency applications. Through comprehensive simula-
tions, the authors show that the proposed approach reduces the 
Integral of Time-weighted Absolute Error (ITAE) by 40% compared 
to traditional control methods such as PID and PWM, achieving ef-
ficiencies of 98.5% for SiC and 99% for GaN inverters. The adaptive 
control dynamically adjusts parameters in real time, ensuring system 
stability and reliability under varying load and thermal conditions. 
Furthermore, it significantly reduces electromagnetic interference 
(EMI) and switching losses, thereby enhancing energy efficiency and 
extending device lifespan. This work provides a solid foundation for 
the development of next-generation energy-efficient inverters, with 
particular emphasis on applications in electric vehicles and renew-
able energy systems.

The fourth article delves into a critical analysis of core quenching 
during severe accidents in light water reactors (LWRs). The study 
examines the QUENCH-03 experiment, conducted at the Karlsruhe 
Institute of Technology, which investigates hydrogen production 
during core reflooding – a key safety measure to prevent reactor 
overheating. Using the ASYST code, the authors performed uncer-
tainty quantification to address the challenges posed by the com-
plex physical-chemical phenomena during quenching. Their findings 
highlight the significant impact of input uncertainties on simulation 
results, with variations in parameters leading to substantial differ-
ences in output data, such as cladding temperature and hydrogen 
production. This research underscores the importance of incorpo-
rating uncertainty analysis in nuclear safety studies to enhance the 
accuracy and reliability of severe accident models.

The final article presents an innovative approach to addressing 
deep penetration shielding challenges in pressurised water reactors 
(PWRs). Employing contributon theory within the FW-CADIS hybrid 
shielding methodology, the authors optimise the simulation of fast 
neutron irradiation in the reactor pressure vessel (RPV) upper head. 
By combining forward and adjoint flux solutions, the contributon flux 
identifies critical spatial regions contributing to shielding responses, 
enabling local SN mesh refinement and improved variance reduc-
tion parameters. This refined approach significantly enhances com-
putational efficiency and accuracy, reducing simulation time while 
maintaining robust results. The study demonstrates the potential of 
contributon-informed mesh refinement for complex shielding prob-
lems, paving the way for more effective and efficient nuclear safety 
analyses.

Igor Kuzle 
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Experimental Investigation of Critical Heat Flux and 
Post-Critical Heat Flux in a Carbon Dioxide-Cooled 

Tube at High Subcritical Pressures 
Jakub Bronik, Michael Buck, Jörg Starflinger

Summary — Supercritical fluids such as water or CO2 are an at-
tractive choice for future nuclear reactor systems. The exact knowl-
edge of the heat transfer in a trans-critical pressure is important for 
the design of those systems. In subcritical pressure, knowing how to 
avoid the reduction of heat removal when exceeding the critical heat 
flux (CHF) is of critical importance.

A series of experiments is carried out with the SCARLETT (Su-
percritical CARbon dioxide Loop at IKE StuTTgart) test facility at 
the Institute of Nuclear Technology and Energy Systems of the Uni-
versity of Stuttgart, focusing on investigations of CHF and post-CHF 
heat transfer with CO2 as a working fluid. Two test sections have been 
used – each with a different internal diameter - to investigate CHF 
and post-CHF heat transfer. Both test sections with 10 mm and 6 mm 
internal diameters and heated lengths of 2000 mm are equipped with 
glass fiber in a stainless-steel capillary for semi-continuous wall tem-
perature measurement and thermocouples for the reference tempera-
ture measurement. The test sections are instrumented accordingly for 
pressure, differential pressure, mass flow, inlet, and outlet tempera-
ture measurements. The paper presents CHF, upstream CHF, and 
boiling heat transfer measurements in selected experiments in the 
10mm tube at subcritical pressures of pr=0.7 and pr=0.98, mass fluxes 
of 1000 kg/m2s, and heat fluxes from 80 to 200 kW/m2.

Keywords — CHF, post-CHF, dryout, OFDR, boiling

I. Introduction

In transient operations of thermal cycles designed to operate at 
a supercritical state, pressure may pass the critical pressure and 
thus lead to a transition between supercritical and subcritical 

states under normal or abnormal conditions. Reliable models for 
heat transfer in both supercritical and subcritical states therefore, 
play an important role in safety design and safety analysis.

Figure 1 shows schematically the heat transfer in two-phase 
flow using the boiling curve, which represents the heat flux as a 
function of the superheat of the heated wall. At low heat flux, nu-

cleate boiling takes place on the heated wall. However, if the heat 
flux continues to increase and reaches a critical value, direct con-
tact between the liquid and the heated wall is lost, and heat trans-
fer is significantly reduced. If the imposed heat flux remains con-
stant, the regime changes from bubble boiling to film boiling, and 
the wall temperature increases significantly. This phenomenon is 
called boiling crisis, and the corresponding heat flux is called criti-
cal heat flux (CHF). The regime after the appearance of the boil-
ing crisis is called post-CHF. Even if the heat flux is reduced after 
the occurrence of the boiling crisis, the flow regime remains in the 
film boiling (post-CHF region) until the wall temperature falls be-
low the so-called minimum film boiling temperature (Leidenfrost 
point). Then the wall is wetted again with liquid and a sudden drop 
in the wall temperature occurs. This process is called rewetting.

Heat transfer in the subcritical pressure state, including post-
CHF heat transfer, has been studied very intensively in the past for 
reduced pressures up to p/pcrit≤0.7 (ratio referred to as pr), also 
because of its importance in light water reactors [1]. There exists a 
large number of models or correlations developed for this pressure 
range.

However, studies of heat transfer under subcritical pressure 
conditions but in the high-pressure range 0.7<pr<1 have been 
scarce [2], and correspondingly, the theoretical prediction models 
lack validation and are only applicable for a limited range of con-
ditions. E.g., analysis of the transient processes in a 4-rod bundle 
with water cooling showed that the thermohydraulic system code 
ATHLET cannot satisfactorily predict heat transfer in the high-

Corresponding author: Jakub Bronik

Jakub Bronik, Michael Buck and Jörg Starflinger are with the University 
of Stuttgart, Institute of Nuclear Technology and Energy Systems, Stuttgart, 
Germany

(emails: jakub.bronik@ike.uni-stuttgart.de, michael.buck@ike.uni-stuttgart.
de, jorg.starflinger@ike.uni-stuttgart.de) 

1 

Proceedings of the European Nuclear Young Generation Forum 
ENYGF’25 

June 2-6, 2025, Zagreb, Croatia 
 

Experimental investigation of critical heat flux and post-critical heat flux in a 
carbon dioxide-cooled tube at high subcritical pressures.  

 

Bronik, Jakub Dariusz1*; Buck, Michael1; and Starflinger, Jörg1 
1 University of Stuttgart, Institute of Nuclear Technology and Energy Systems (IKE), Germany  

* jakub.bronik@ike.uni-stuttgart.de 

 
 

I. INTRODUCTION  

In transient operations of thermal cycles designed to operate 
at a supercritical state, pressure may pass the critical 
pressure and thus lead to a transition between supercritical 
and subcritical states under normal or abnormal conditions. 
Reliable models for heat transfer in both supercritical and 
subcritical states therefore, play an important role in safety 
design and safety analysis. 

Figure 1 shows schematically the heat transfer in two-phase 
flow using the boiling curve, which represents the heat flux 
as a function of the superheat of the heated wall. At low heat 
flux, nucleate boiling takes place on the heated wall. 
However, if the heat flux continues to increase and reaches 
a critical value, direct contact between the liquid and the 
heated wall is lost, and heat transfer is significantly reduced. 
If the imposed heat flux remains constant, the regime 
changes from bubble boiling to film boiling, and the wall 
temperature increases significantly. This phenomenon is 
called boiling crisis, and the corresponding heat flux is 
called critical heat flux (CHF). The regime after the 
appearance of the boiling crisis is called post-CHF. Even if 
the heat flux is reduced after the occurrence of the boiling 
crisis, the flow regime remains in the film boiling (post-
CHF region) until the wall temperature falls below the so-
called minimum film boiling temperature (Leidenfrost 
point). Then the wall is wetted again with liquid and a 
sudden drop in the wall temperature occurs. This process is 
called rewetting. 

Heat transfer in the subcritical pressure state, including post-
CHF heat transfer, has been studied very intensively in the 
past for reduced pressures up to p/pcrit≤0.7 (ratio referred 
to as pr), also because of its importance in light water 
reactors [1]. There exists a large number of models or 
correlations developed for this pressure range. 

However, studies of heat transfer under subcritical pressure 
conditions but in the high-pressure range 0.7<pr<1 have 
been scarce [2], and correspondingly, the theoretical 
prediction models lack validation and are only applicable 
for a limited range of conditions. E.g., analysis of the 
transient processes in a 4-rod bundle with water cooling 
showed that the thermohydraulic system code ATHLET 
cannot satisfactorily predict heat transfer in the high-
pressure range [3]. The experiment showed that during the 
transient process with decreasing pressure from 25 MPa to 

17 MPa, a sharp increase in wall temperature occurs at a 
pressure of about 21 MPa. This corresponds to the 
appearance of the boiling crisis, which, however, was not 
predicted by the ATHLET code. 

The present paper concentrates on the experimental 
investigations to improve the knowledge about the physical 
processes of heat transfer at subcritical pressures near the 
critical point and in the adjacent post-CHF range. 

II. EXPERIMENTAL SETUP 

All experiments presented in this publication were carried 
out in the SCARLETT (Supercritical Carbon dioxide Loop 
at IKE Stuttgart) test facility at IKE. SCARLETT works as 
a peripheral facility used to provide CO2 under defined 
parameters: mass flow rate, temperature, and pressure near 
the critical point. Detailed information about SCARLETT is 
available in Flaig et al. [4]. While SCARLETT has been 
used in the past mostly to work at supercritical pressure, the 
facility has been modified for the present experiments to 
safely operate in subcritical pressures. This was achieved by 
the implementation of a reduction valve upstream of the test 
section. A simplified schematic is presented in Fig. 2.  

Figure 2. SCARLETT schematic. 

Figure 1. Boiling curve. Fig. 1. Boiling curve.
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pressure range [3]. The experiment showed that during the tran-
sient process with decreasing pressure from 25 MPa to 17 MPa, 
a sharp increase in wall temperature occurs at a pressure of about 
21 MPa. This corresponds to the appearance of the boiling crisis, 
which, however, was not predicted by the ATHLET code.

The present paper concentrates on the experimental investigati-
ons to improve the knowledge about the physical processes of heat 
transfer at subcritical pressures near the critical point and in the 
adjacent post-CHF range.

II. Experimental Setup
All experiments presented in this publication were carried out 

in the SCARLETT (Supercritical Carbon dioxide Loop at IKE 
Stuttgart) test facility at IKE. SCARLETT works as a peripheral 
facility used to provide CO2 under defined parameters: mass flow 
rate, temperature, and pressure near the critical point. Detailed in-
formation about SCARLETT is available in Flaig et al. [4]. While 
SCARLETT has been used in the past mostly to work at supercriti-
cal pressure, the facility has been modified for the present experi-
ments to safely operate in subcritical pressures. This was achieved 
by the implementation of a reduction valve upstream of the test 
section. A simplified schematic is presented in Fig. 2. 

For the investigations presented in this publication, two differ-
ent test sections have been used, with 6 mm, and 10 mm inner 
diameters. Another diameter was chosen due to the convenience of 
obtaining the pipes. The 6 mm and 10mm test sections can be seen 
in Figure 3. The test sections were operated in parallel, which has 
the advantage that the mass flow rate through each test section can 
be adjusted by diverting flow through the other test section. The 
test sections have the same structure; the only difference is the di-
ameter of the test tubes used. The test tubes are heated directly with 
a 35 kW DC power supply. To insulate the test rig electrically from 
the test tubes, special insulating flanges are used. The mass flow 
rate and bulk temperature of the CO2 are measured just before the 
entry into the test sections. Fig. 3 shows the dimensions of the test 
tubes with an inner diameter of 6 and 10 mm and an outer diameter 
of 8 and 12 mm. The material of the tubes is Alloy 625. 

The total length of the test tubes is 2533 mm with a heated 
length of 2000 mm. The tubes are instrumented with glass fiber in 
a stainless-steel capillary for temperature measurement. As a refer-
ence and for calibration purposes, 20 T-type thermocouples are tied 
with a temperature-resistant yarn straight in 100 mm intervals on 
the outer surface of the test tube adjacent to the capillary. Both ther-
mocouples and capillary have been electrically insulated from the 
pipe with a 200 µm thick mica paper layer. The absolute pressure 
is measured before and after the heated section, and the differential 
pressure is measured over the heated length. The pressure inside 
the test tube is measured through a 1 mm hole to avoid influencing 
the flow – the setup can be seen in Figure 3 on the bottom right. A 
more detailed description can be found in [5].

A. Glass Fiber Setup

For a strain-free measurement, equation (1) can be transformed 
into equation (2) to provide the temperature change as a linear 
function of the measured frequency change [6].

 (2)

For measurements over broader temperature ranges and/or for 
considering fiber-coating interactions [6], nonlinear fits to the cor-
relation between temperature and frequency, e.g., using more ac-
curate polynomials [7]. The relation between temperature and fre-
quency changes was approximated by a second-order polynomial 
according to equation (3) for the fiber used in this setup.

 (3)

The coefficients A, B, and C  given in Table 1 below were deter-
mined by fitting the polynomial (3) to the measurements of the 
type T thermocouples. 
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For the investigations presented in this publication, two 
different test sections have been used, with 6 mm, and 
10 mm inner diameters. Another diameter was chosen due 
to the convenience of obtaining the pipes. The 6 mm and 
10mm test sections can be seen in Figure 3. The test sections 
were operated in parallel, which has the advantage that the 
mass flow rate through each test section can be adjusted by 
diverting flow through the other test section. The test 
sections have the same structure; the only difference is the 
diameter of the test tubes used. The test tubes are heated 
directly with a 35 kW DC power supply. To insulate the test 
rig electrically from the test tubes, special insulating flanges 
are used. The mass flow rate and bulk temperature of the 
CO2 are measured just before the entry into the test sections. 
Fig. 3 shows the dimensions of the test tubes with an inner 
diameter of 6 and 10 mm and an outer diameter of 8 and 
12 mm. The material of the tubes is Alloy 625.  

The total length of the test tubes is 2533 mm with a heated 
length of 2000 mm. The tubes are instrumented with glass 
fiber in a stainless-steel capillary for temperature 
measurement. As a reference and for calibration purposes, 
20 T-type thermocouples are tied with a temperature-
resistant yarn straight in 100 mm intervals on the outer 
surface of the test tube adjacent to the capillary. Both 
thermocouples and capillary have been electrically insulated 
from the pipe with a 200 µm thick mica paper layer. The 
absolute pressure is measured before and after the heated 
section, and the differential pressure is measured over the 
heated length. The pressure inside the test tube is measured 
through a 1 mm hole to avoid influencing the flow – the 
setup can be seen in Figure 3 on the bottom right. A more 
detailed description can be found in [5]. 

A. Glass fiber setup 
The relationship between the relative changes of wavelength 
λ and frequency f, temperature T, and strain ε is 
approximately linear, as eq. (1) below indicates. The 
coefficients KT and Kε depend on the material and can vary 
by up to 10% between standard telecom glass fibers.  

For a strain-free measurement, equation (1) can be 
transformed into equation (2) to provide the temperature 
change as a linear function of the measured frequency 
change [6]. 

For measurements over broader temperature ranges and/or 
for considering fiber-coating interactions [6], nonlinear fits 
to the correlation between temperature and frequency, e.g., 
using more accurate polynomials [7]. The relation between 
temperature and frequency changes was approximated by a 
second-order polynomial according to equation (3) for the 
fiber used in this setup. 

The coefficients A, B, and C  given in Table 1 below were 
determined by fitting the polynomial (3) to the 
measurements of the type T thermocouples.  

Table 1. Glass fiber temperature fit coefficients. 

10 mm A -9.51e-07 B 9.51e-02 C 2.625e+01 
6 mm A -1.43e-06 B 9.64e-02 C 2.7175+01 

III. EVALUATION METHODOLOGY 

Table 2. gives an overview of the measured parameter 
ranges. 
Table 2. Experimental overview 

Parameter [Unit] Value 
Inner tube diameter [mm] 10 
Flow direction [-] upward flow 
Inlet pressure [MPa] 5.2, 7.2 
Inlet temperature [°C] 8 
Mass flux [kg/m2s] 1000 
Heat flux [kW/m2] 80-200 

In the following, a short overview of the calculations of the 
main variables is given. The National Institute of Science 
and Technology (NIST) database REFPROP provides the 
fluid properties [8]. 

 𝑄̇𝑄𝑄𝑄𝑡𝑡𝑡𝑡ℎ =  𝑃𝑃𝑃𝑃𝑒𝑒𝑒𝑒𝑒𝑒𝑒𝑒 = 𝑈𝑈𝑈𝑈 ∙ 𝐼𝐼𝐼𝐼 (4) 

Heat flow rate 𝑄̇𝑄𝑄𝑄𝑡𝑡𝑡𝑡𝑡 gained by the fluid was calculated from 
the electric power 𝑃𝑃𝑃𝑃𝑒𝑒𝑒𝑒𝑒𝑒𝑒𝑒  with the voltage 𝑈𝑈𝑈𝑈 and the current 𝐼𝐼𝐼𝐼. 

The heat flux 𝑞𝑞𝑞𝑞𝑞  is calculated with the curved surface area of 
the inner surface 𝐴𝐴𝐴𝐴𝑖𝑖𝑖𝑖 of the tube and the heated length with 
the assumption of a uniform heat generation by direct 
electrical heating, the heated length 𝐿𝐿𝐿𝐿ℎ, and internal 
diameter 𝑑𝑑𝑑𝑑𝑖𝑖𝑖𝑖. 

 𝑞𝑞𝑞𝑞𝑞 =  
𝑄̇𝑄𝑄𝑄𝑡𝑡𝑡𝑡𝑡
𝐴𝐴𝐴𝐴𝑖𝑖𝑖𝑖

=
𝑈𝑈𝑈𝑈 𝑈𝑈𝑈𝑈𝑈

π ∙ 𝑑𝑑𝑑𝑑𝑖𝑖𝑖𝑖 ∙ 𝐿𝐿𝐿𝐿ℎ
 (5) 

For the calculation of the bulk temperature 𝑇𝑇𝑇𝑇𝑏𝑏𝑏𝑏,𝑦𝑦𝑦𝑦 across the 
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For the investigations presented in this publication, two 
different test sections have been used, with 6 mm, and 
10 mm inner diameters. Another diameter was chosen due 
to the convenience of obtaining the pipes. The 6 mm and 
10mm test sections can be seen in Figure 3. The test sections 
were operated in parallel, which has the advantage that the 
mass flow rate through each test section can be adjusted by 
diverting flow through the other test section. The test 
sections have the same structure; the only difference is the 
diameter of the test tubes used. The test tubes are heated 
directly with a 35 kW DC power supply. To insulate the test 
rig electrically from the test tubes, special insulating flanges 
are used. The mass flow rate and bulk temperature of the 
CO2 are measured just before the entry into the test sections. 
Fig. 3 shows the dimensions of the test tubes with an inner 
diameter of 6 and 10 mm and an outer diameter of 8 and 
12 mm. The material of the tubes is Alloy 625.  

The total length of the test tubes is 2533 mm with a heated 
length of 2000 mm. The tubes are instrumented with glass 
fiber in a stainless-steel capillary for temperature 
measurement. As a reference and for calibration purposes, 
20 T-type thermocouples are tied with a temperature-
resistant yarn straight in 100 mm intervals on the outer 
surface of the test tube adjacent to the capillary. Both 
thermocouples and capillary have been electrically insulated 
from the pipe with a 200 µm thick mica paper layer. The 
absolute pressure is measured before and after the heated 
section, and the differential pressure is measured over the 
heated length. The pressure inside the test tube is measured 
through a 1 mm hole to avoid influencing the flow – the 
setup can be seen in Figure 3 on the bottom right. A more 
detailed description can be found in [5]. 

A. Glass fiber setup 
The relationship between the relative changes of wavelength 
λ and frequency f, temperature T, and strain ε is 
approximately linear, as eq. (1) below indicates. The 
coefficients KT and Kε depend on the material and can vary 
by up to 10% between standard telecom glass fibers.  

For a strain-free measurement, equation (1) can be 
transformed into equation (2) to provide the temperature 
change as a linear function of the measured frequency 
change [6]. 

For measurements over broader temperature ranges and/or 
for considering fiber-coating interactions [6], nonlinear fits 
to the correlation between temperature and frequency, e.g., 
using more accurate polynomials [7]. The relation between 
temperature and frequency changes was approximated by a 
second-order polynomial according to equation (3) for the 
fiber used in this setup. 

The coefficients A, B, and C  given in Table 1 below were 
determined by fitting the polynomial (3) to the 
measurements of the type T thermocouples.  

Table 1. Glass fiber temperature fit coefficients. 

10 mm A -9.51e-07 B 9.51e-02 C 2.625e+01 
6 mm A -1.43e-06 B 9.64e-02 C 2.7175+01 

III. EVALUATION METHODOLOGY 

Table 2. gives an overview of the measured parameter 
ranges. 
Table 2. Experimental overview 

Parameter [Unit] Value 
Inner tube diameter [mm] 10 
Flow direction [-] upward flow 
Inlet pressure [MPa] 5.2, 7.2 
Inlet temperature [°C] 8 
Mass flux [kg/m2s] 1000 
Heat flux [kW/m2] 80-200 

In the following, a short overview of the calculations of the 
main variables is given. The National Institute of Science 
and Technology (NIST) database REFPROP provides the 
fluid properties [8]. 
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The heat flux 𝑞𝑞𝑞𝑞𝑞  is calculated with the curved surface area of 
the inner surface 𝐴𝐴𝐴𝐴𝑖𝑖𝑖𝑖 of the tube and the heated length with 
the assumption of a uniform heat generation by direct 
electrical heating, the heated length 𝐿𝐿𝐿𝐿ℎ, and internal 
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The relationship between the relative changes of wavelength λ 
and frequency f, temperature T, and strain ε is approximately line-
ar, as eq. (1) below indicates. The coefficients KT and Kε depend 
on the material and can vary by up to 10% between standard tele-
com glass fibers.
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Table 1. 

Glass Fiber Temperature Fit Coefficients.

10 mm A -9.51e-07 B 9.51e-02 C 2.625e+01

6 mm A -1.43e-06 B 9.64e-02 C 2.7175+01

III. Evaluation Methodology
Table 2. gives an overview of the measured parameter ranges.

Table 2. 

Experimental overview

Parameter [Unit] Value

Inner tube diameter [mm] 10

Flow direction [-] upward flow

Inlet pressure [MPa] 5.2, 7.2

Inlet temperature [°C] 8

Mass flux [kg/m2s] 1000

Heat flux [kW/m2] 80-200

In the following, a short overview of the calculations of the 
main variables is given. The National Institute of Science and 
Technology (NIST) database REFPROP provides the fluid proper-
ties [8].

IV. Results
Figure 4 shows the axial profiles of the wall temperature along 

the 10mm tube at pr = 0.7 (52 bar) and at pr = 0.98 (72 bar) for 
different values of heat flux up to 130 kW/m2, 8°C inlet fluid tem-
perature, and 1000 kg/m2s mass flux. The calculated bulk fluid tem-
perature at the plot represents the values obtained for the highest 
heat flux at the plot.

The temperature profiles for the 52 bar were obtained after 
reaching the critical heat flux in a power ramp up (temperature ex-
cursion at the end of the heated length at 105±1.2 kW/m2) and fur-

2 

For the investigations presented in this publication, two 
different test sections have been used, with 6 mm, and 
10 mm inner diameters. Another diameter was chosen due 
to the convenience of obtaining the pipes. The 6 mm and 
10mm test sections can be seen in Figure 3. The test sections 
were operated in parallel, which has the advantage that the 
mass flow rate through each test section can be adjusted by 
diverting flow through the other test section. The test 
sections have the same structure; the only difference is the 
diameter of the test tubes used. The test tubes are heated 
directly with a 35 kW DC power supply. To insulate the test 
rig electrically from the test tubes, special insulating flanges 
are used. The mass flow rate and bulk temperature of the 
CO2 are measured just before the entry into the test sections. 
Fig. 3 shows the dimensions of the test tubes with an inner 
diameter of 6 and 10 mm and an outer diameter of 8 and 
12 mm. The material of the tubes is Alloy 625.  

The total length of the test tubes is 2533 mm with a heated 
length of 2000 mm. The tubes are instrumented with glass 
fiber in a stainless-steel capillary for temperature 
measurement. As a reference and for calibration purposes, 
20 T-type thermocouples are tied with a temperature-
resistant yarn straight in 100 mm intervals on the outer 
surface of the test tube adjacent to the capillary. Both 
thermocouples and capillary have been electrically insulated 
from the pipe with a 200 µm thick mica paper layer. The 
absolute pressure is measured before and after the heated 
section, and the differential pressure is measured over the 
heated length. The pressure inside the test tube is measured 
through a 1 mm hole to avoid influencing the flow – the 
setup can be seen in Figure 3 on the bottom right. A more 
detailed description can be found in [5]. 

A. Glass fiber setup 
The relationship between the relative changes of wavelength 
λ and frequency f, temperature T, and strain ε is 
approximately linear, as eq. (1) below indicates. The 
coefficients KT and Kε depend on the material and can vary 
by up to 10% between standard telecom glass fibers.  

For a strain-free measurement, equation (1) can be 
transformed into equation (2) to provide the temperature 
change as a linear function of the measured frequency 
change [6]. 

For measurements over broader temperature ranges and/or 
for considering fiber-coating interactions [6], nonlinear fits 
to the correlation between temperature and frequency, e.g., 
using more accurate polynomials [7]. The relation between 
temperature and frequency changes was approximated by a 
second-order polynomial according to equation (3) for the 
fiber used in this setup. 

The coefficients A, B, and C  given in Table 1 below were 
determined by fitting the polynomial (3) to the 
measurements of the type T thermocouples.  

Table 1. Glass fiber temperature fit coefficients. 

10 mm A -9.51e-07 B 9.51e-02 C 2.625e+01 
6 mm A -1.43e-06 B 9.64e-02 C 2.7175+01 
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Table 2. gives an overview of the measured parameter 
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Parameter [Unit] Value 
Inner tube diameter [mm] 10 
Flow direction [-] upward flow 
Inlet pressure [MPa] 5.2, 7.2 
Inlet temperature [°C] 8 
Mass flux [kg/m2s] 1000 
Heat flux [kW/m2] 80-200 

In the following, a short overview of the calculations of the 
main variables is given. The National Institute of Science 
and Technology (NIST) database REFPROP provides the 
fluid properties [8]. 
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The heat flux 𝑞𝑞𝑞𝑞𝑞  is calculated with the curved surface area of 
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the assumption of a uniform heat generation by direct 
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Figure 3. Test section and pressure tapping. 
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calculated for each temperature measurement point across 
the tube's axial position. 
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IV. RESULTS 

Figure 4 shows the axial profiles of the wall temperature 
along the 10mm tube at pr = 0.7 (52 bar) and at pr = 0.98 
(72 bar) for different values of heat flux up to 130 kW/m2, 
8°C inlet fluid temperature, and 1000 kg/m2s mass flux. The 
calculated bulk fluid temperature at the plot represents the 
values obtained for the highest heat flux at the plot. 

The temperature profiles for the 52 bar were obtained after 
reaching the critical heat flux in a power ramp up 
(temperature excursion at the end of the heated length at 
105±1.2 kW/m2) and further raise of the heating power to 
obtain post-CHF conditions. The power was kept constant 
for a sufficiently long period to produce a sequence of 
steady-state conditions. Detailed description of data 
recording, averaging, and methodology can be found in [5]. 

The position of the steep temperature increase corresponds 
to the CHF point; the CHF conditions have to be taken as 
the local conditions at the jump position, which defines a 
“virtual” end of the heated length. At the presented heat 
fluxes, the post-steep increase profiles exhibit an inclined 
shape, suggesting the main heat transfer interaction to be 
heat transfer between the wall and the heated vapor in post-
CHF, where the near-wall vapor is gradually superheated. 

Figure 6. Heat transfer coefficients in relation to equilibrium quality at increasing at pr=0.7 and pr=0.98. Tin=8°C and G=1000 kG/m2s. 

 

 

Figure 5. Temperature profiles at increasing heat flux above 130 kW/m2 at pr=0.7 and pr=0.98. Tin=8°C and G=1000 kg/m2s. 
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ther raise of the heating power to obtain post-CHF conditions. The 
power was kept constant for a sufficiently long period to produce 
a sequence of steady-state conditions. Detailed description of data 
recording, averaging, and methodology can be found in [5].

The position of the steep temperature increase corresponds to 
the CHF point; the CHF conditions have to be taken as the local 
conditions at the jump position, which defines a “virtual” end of 
the heated length. At the presented heat fluxes, the post-steep in-
crease profiles exhibit an inclined shape, suggesting the main heat 
transfer interaction to be heat transfer between the wall and the 
heated vapor in post-CHF, where the near-wall vapor is gradually 
superheated.

The temperature profiles at 72 bar were obtained similarly; 
however, there were two indications of a jump-wise tempera-
ture increase at the end of the heated length (first at 86±0.8 kW/
m2, second at 105±0.5 kW/m2). The profiles obtained after the first 
CHF-like-event indication (at 90 and 100 kW/m2) show a mild tem-
perature increase of about 8°C compared to the wall temperature at 
nucleate boiling upstream of the tube. This first temperature jump 

is present at each superheating and is interpreted to be some sort 
of unstable boiling due to froth flow or dry patching, rather than 
CHF. The second temperature jump in the profiles with 110, 120, 
and 130 kW/m2 is much larger (>50°C). The plateau shape of those 
profiles after the location of CHF suggests a stable temperature of 
vapor. At 130 kW/m2 there is a small decrease of temperature at 
the end of the heated length – this indicates a stronger influence of 
droplet evaporation, as vapor picks up speed. The maximum wall 
temperatures obtained in those experiments are much lower when 
compared to the ones in corresponding cases in 52 bar.

Figure 5 presents the results of overheating the pipe at both 
pressures above 130 kW/m2. The profiles at 52 bar show the evo-
lution in shape from inclined lines at the previous plot to a con-
vex shape with a maximum at 150 kW/m2. There, the superheated 
steam reaches equilibrium, and the main heat transfer mechanism 
becomes the evaporation of droplets from superheated vapor, lead-
ing to an increase in the vapor speed. The following profiles have 
a temperature peak in the first half of the heated length – indicating 
a change of CHF mechanism from dryout to DNB – where due 
to violent change to reverse annular boiling the wall temperature 
rises, the main heat transfer mechanism becomes radiation from 
wall to liquid core and its evaporation – leading to speed up of 
vapor at the wall until it reaches equilibrium state.

At the pressure of 72 bar the temperature profiles change dras-
tically due to the occurrence of upstream CHF, a CHF mechanism 
taking place in the middle or the beginning, believed to happen due 
to the change of flow pattern [9, 10, 11]. It results in a spike-like 
peak of temperature and temperature profile development up the 
stream, similar to the post-DNB case. In this case, nucleate boiling 
does not happen anywhere along the heated length. It has to be 
noted that the wall superheat at the hottest point in the 150 kW/m2 
case is 100 K higher than the hottest temperature at a correspond-
ing case at 52 bar. The power was not further increased to avoid 
damaging the test section. 

Figure 7 shows the evolution of the temperature profile upon 
passing the upstream CHF value – the small peak in temperature at 
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𝑞𝑞𝑞𝑞𝑞𝑣𝑣𝑣𝑣
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 (9) 

The inner wall temperature wall calculation has been 
repeated with the thermal conductivity of the tube at the 
mean wall temperature λ625 = f(𝑇𝑇𝑇𝑇𝑤𝑤𝑤𝑤,𝑚𝑚𝑚𝑚������), where: 

 𝑇𝑇𝑇𝑇𝑤𝑤𝑤𝑤,𝑚𝑚𝑚𝑚������ =
𝑇𝑇𝑇𝑇𝑤𝑤𝑤𝑤,𝑖𝑖𝑖𝑖  + 𝑇𝑇𝑇𝑇𝑤𝑤𝑤𝑤,𝑜𝑜𝑜𝑜 

2
 (10)  

In the last step, the heat transfer coefficient ℎ𝑡𝑡𝑡𝑡𝑡𝑡𝑡𝑡 can be 
calculated for each temperature measurement point across 
the tube's axial position. 

 ℎ𝑡𝑡𝑡𝑡𝑡𝑡𝑡𝑡𝑦𝑦𝑦𝑦 =
𝑞̇𝑞𝑞𝑞

𝑇𝑇𝑇𝑇𝑤𝑤𝑤𝑤,𝑖𝑖𝑖𝑖,𝑦𝑦𝑦𝑦 − 𝑇𝑇𝑇𝑇𝑏𝑏𝑏𝑏,𝑦𝑦𝑦𝑦
 (11) 

IV. RESULTS 

Figure 4 shows the axial profiles of the wall temperature 
along the 10mm tube at pr = 0.7 (52 bar) and at pr = 0.98 
(72 bar) for different values of heat flux up to 130 kW/m2, 
8°C inlet fluid temperature, and 1000 kg/m2s mass flux. The 
calculated bulk fluid temperature at the plot represents the 
values obtained for the highest heat flux at the plot. 

The temperature profiles for the 52 bar were obtained after 
reaching the critical heat flux in a power ramp up 
(temperature excursion at the end of the heated length at 
105±1.2 kW/m2) and further raise of the heating power to 
obtain post-CHF conditions. The power was kept constant 
for a sufficiently long period to produce a sequence of 
steady-state conditions. Detailed description of data 
recording, averaging, and methodology can be found in [5]. 

The position of the steep temperature increase corresponds 
to the CHF point; the CHF conditions have to be taken as 
the local conditions at the jump position, which defines a 
“virtual” end of the heated length. At the presented heat 
fluxes, the post-steep increase profiles exhibit an inclined 
shape, suggesting the main heat transfer interaction to be 
heat transfer between the wall and the heated vapor in post-
CHF, where the near-wall vapor is gradually superheated. 

Figure 6. Heat transfer coefficients in relation to equilibrium quality at increasing at pr=0.7 and pr=0.98. Tin=8°C and G=1000 kG/m2s. 

 

 

Figure 5. Temperature profiles at increasing heat flux above 130 kW/m2 at pr=0.7 and pr=0.98. Tin=8°C and G=1000 kg/m2s. 
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The temperature profiles at 72 bar were obtained similarly; 
however, there were two indications of a jump-wise 
temperature increase at the end of the heated length (first at 
86±0.8 kW/m2, second at 105±0.5 kW/m2). The profiles 
obtained after the first CHF-like-event indication (at 90 and 
100 kW/m2) show a mild temperature increase of about 8°C 
compared to the wall temperature at nucleate boiling 
upstream of the tube. This first temperature jump is present 
at each superheating and is interpreted to be some sort of 
unstable boiling due to froth flow or dry patching, rather 
than CHF. The second temperature jump in the profiles with 
110, 120, and 130 kW/m2 is much larger (>50°C). The 
plateau shape of those profiles after the location of CHF 
suggests a stable temperature of vapor. At 130 kW/m2 there 
is a small decrease of temperature at the end of the heated 
length – this indicates a stronger influence of droplet 
evaporation, as vapor picks up speed. The maximum wall 
temperatures obtained in those experiments are much lower 
when compared to the ones in corresponding cases in 52 bar. 

Figure 5 presents the results of overheating the pipe at both 
pressures above 130 kW/m2. The profiles at 52 bar show the 
evolution in shape from inclined lines at the previous plot to 
a convex shape with a maximum at 150 kW/m2. There, the 
superheated steam reaches equilibrium, and the main heat 
transfer mechanism becomes the evaporation of droplets 
from superheated vapor, leading to an increase in the vapor 
speed. The following profiles have a temperature peak in the 
first half of the heated length – indicating a change of CHF 
mechanism from dryout to DNB – where due to violent 
change to reverse annular boiling the wall temperature rises, 
the main heat transfer mechanism becomes radiation from 
wall to liquid core and its evaporation – leading to speed up 
of vapor at the wall until it reaches equilibrium state. 

At the pressure of 72 bar the temperature profiles change 
drastically due to the occurrence of upstream CHF, a CHF 
mechanism taking place in the middle or the beginning, 
believed to happen due to the change of flow pattern [9, 10, 
11]. It results in a spike-like peak of temperature and 
temperature profile development up the stream, similar to 
the post-DNB case. In this case, nucleate boiling does not 
happen anywhere along the heated length. It has to be noted 
that the wall superheat at the hottest point in the 150 kW/m2 
case is 100 K higher than the hottest temperature at a 
corresponding case at 52 bar. The power was not further 
increased to avoid damaging the test section.  

Figure 7 shows the evolution of the temperature profile upon 
passing the upstream CHF value – the small peak in 

temperature at the beginning of the heated channel at t = 
191s evolves in a matter of 42 seconds to reach maximum 
temperature. It has to be noted that at the beginning of the 
process, both temperature peaks – due to classical and 
upstream CHF – increase. Starting at t = 239 s, the peak due 
to classical CHF starts to diminish. Upstream CHF is 
followed by a disturbance in test section pressure due to 
flow regime change and a slight increase of heated power, 
due to drastic temperature change on the whole heated 
length and significant increase of its electrical resistance.  

Figure 6 shows the heat transfer coefficients calculated from 
the corresponding experiments at Figures 4 and 5 in relation 
to equilibrium quality. In case of the experiments at 52 bar 
all the CHF events happened at a positive quality, indicating 
usual two-phase flow regimes, and in case of experiments at 
110-130 kW/m2

, a dryout mechanism of CHF. At 72 bar, as 
the CHF always happens at subcooled conditions, the CHF 
mechanism has to be DNB. It should be noted as well that 
the first degradation of heat transfer leads to a 20% decrease 
in the heat transfer coefficient. 

V. CONCLUSIONS 
A series of experiments at pr = 0.7 and pr = 0.98 has been 
performed. At lower reduced pressures, CHF happened 
solely at positive qualities, while at close critical pressure, it 
happened only in subcooled conditions. While at high 
pressures, a pre-CHF heat transfer deterioration happened, 
the wall temperatures in the post-CHF regime were lower 
than in corresponding pr = 0.7 experiments. This improved 
performance is, however, limited by the possibility of 
upstream CHF, which is due to a heavy decrease of the heat 
transfer coefficient that is even lower than in the presented 
post-DNB cases. 
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the beginning of the heated channel at t = 191s evolves in a matter 
of 42 seconds to reach maximum temperature. It has to be noted 
that at the beginning of the process, both temperature peaks – due 
to classical and upstream CHF – increase. Starting at t = 239 s, 
the peak due to classical CHF starts to diminish. Upstream CHF 
is followed by a disturbance in test section pressure due to flow 
regime change and a slight increase of heated power, due to drastic 
temperature change on the whole heated length and significant in-
crease of its electrical resistance. 

Figure 6 shows the heat transfer coefficients calculated from 
the corresponding experiments at Figures 4 and 5 in relation to 
equilibrium quality. In case of the experiments at 52 bar all the 
CHF events happened at a positive quality, indicating usual two-
phase flow regimes, and in case of experiments at 110-130 kW/m2

, 
a dryout mechanism of CHF. At 72 bar, as the CHF always hap-
pens at subcooled conditions, the CHF mechanism has to be DNB. 
It should be noted as well that the first degradation of heat transfer 
leads to a 20% decrease in the heat transfer coefficient.

V. Conclusions
A series of experiments at pr = 0.7 and pr = 0.98 has been 

performed. At lower reduced pressures, CHF happened solely 
at positive qualities, while at close critical pressure, it happened 
only in subcooled conditions. While at high pressures, a pre-CHF 
heat transfer deterioration happened, the wall temperatures in the 
post-CHF regime were lower than in corresponding pr = 0.7 expe-
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Neutron Kinetics Modelling for Simulations of Loss of 
Coolant Accidents in The Nuclear Power Plants 

Bartlomiej Klis, Simon Primeau, Patrick Blaise, Jean-Christophe Lecoy, Marie-Christine Grouhel

Summary — The code used by Framatome to predict the progre-
ssion of a LOCA is the system scale thermal-hydraulic code CAT-
HARE (Code Avancé de THermoHydraulique pour les Accidents 
deRéacteurs à Eau). It calculates the full primary and secondary cir-
cuits including the core and the fuel elements. CATHARE currently 
utilizes a 0D neutronic model that solves the PointKinetics Equation 
(PKE) to determine the evolution of instantaneous fission power. This 
approach is suitable for transients where the core’s moderator density 
changes rapidly in a quasi-uniform manner, such as in large break 
LOCA scenarios (from the initial situation with a core full of liquid to 
a sudden and complete voiding leading to a full vapour environment). 
However, during Intermediate Break (IB) scenarios, with slower 
dynamics, the assumption of a uniform core’s moderator density is no 
longer valid. This assumption results in a significant underestimation 
of void antireactivity in the upper part of the core and a slight overe-
stimation at the bottom. Thus, using PKE for IB-LOCA leads to an 
overestimation of the fission power, and the more heterogeneous the 
core, the higher the conservatism of this hypothesis is expected. In 
fact, the specific application of IB-LOCA involves a precise neutronic 
calculation in a strongly diphasic fluid environment which is first due 
to the uncovering of the core and then to its reflooding by the safety 
injections. The presented work relies on the development of a fine 3D 
coupling between neutronics and thermal-hydraulics at the assembly 
scale plunged into a fullreactor simulation. Such a development goes 
beyond the known limitations of current neutronics/thermal-hydra-
ulics couplings (dealing with low void fraction situations) which are 
notsuitable for LOCA safety studies.

Keywords — nuclear safety, thermo-hydraulics, neutronics, code 
coupling

many other studies involving system scale TH codes use the point 
kinetics equation (PKE) for prediction of fission power evoluti-
on during the LOCA transients. Keeping in mind this approach is 
well penalized and validated to be conservative in variety of safety 
studies, we will challenge 0D neutronic modelling and justify the 
need for new developments of multi-physics methods for LOCA 
safety studies.
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I. INTRODUCTION  

In this work, authors present the neutron kinetics model 
commonly used for the loss of coolant accidents (LOCA) 
safety studies by system scale thermal-hydraulics (TH) 
codes. We hereby present the results of calculations done by 
CATHARE 3 with full 3D core modelling at the assembly 
scale of a 3-loop pressurized water reactor (PWR) for 
Intermediate Break LOCA (IB LOCA). The main 
observation we would like to emphasize is that many other 
studies involving system scale TH codes use the point 
kinetics equation (PKE) for prediction of fission power 
evolution during the LOCA transients. Keeping in mind this 
approach is well penalized and validated to be conservative 
in variety of safety studies, we will challenge 0D neutronic 
modelling and justify the need for new developments of 
multi-physics methods for LOCA safety studies. 

More advanced neutron kinetics models exist than PKE, 
which are either the result of deterministic neutron transport 
codes solving Boltzmann equation or Monte Carlo codes 
using large statistics of tracing down each individual 
particle interactions. Some authors in their studies, often 
focused on operational conditions and non-LOCA 
accidents, use tools which involve thermal-
hydraulics/neutronics (TH-N) loose couplings (also called 
black box couplings) to incorporate better neutron kinetics 
modelling with possibility to model 3D power distribution 
changes in the core. An example is a study done with 
RELAP5/PARCS by Peakman et al. [1]. Some other 
researchers studied direct TH-N coupling methods using for 
example the Newton-Krylov approach like Zhang et al. [2]. 
Unfortunately, they are not yet implemented in the form of 
mature codes and methods for the nuclear industry. 
However, based on bibliography, we spotted a gap in studies 
related to loss of coolant accidents (LOCA), which we think 
are worth investigating using high-fidelity methods 
involving the TH-N couplings. This was also identified in 
Wang et al. work from 2019 where the author presented a 
thorough review of multiple TH-N couplings [3]. It seems 
nontrivial that any recent code coupling described so far be 
specifically designed to address the physics of LOCAs for 
PWRs. An example can be the recent work of Peakman et 

al. [4]. A recent review on TH and neutronics fuel screening 
methods made by Gorton et al. from Oak Ridge in 2023 [5] 
mentioned the limitations of PKE in the system scale code 
RELAP5 (Reactor Excursion and Leak Analysis Program) 
and a multi-physics coupling was pointed to solve these 
issues. Similar conclusions were pointed by P. Ruyer from 
IRSN (nowadays ASNR) [6]. Lastly, the need for 
developments of multi-physics tools at system scale has also 
recently been discussed during the OECD/NEA/CSNI 
Specialists Meeting on Transient Thermal-hydraulics [7].  

CATHARE (Code for Analysis of Thermal-Hydraulics 
during Accident of Reactor and safety Evaluation) is the 
system scale TH code used in Framatome to predict the 
transient simulation of LOCA [8]. Currently, CATHARE 
utilizes a 0D neutronic model that solves PKE to determine 
the evolution of instantaneous fission power.  

 

II. Point kinetics equation  

The neutron point kinetics is described by a system of 
ordinary differential equations composed of one equation 
for neutron population and Nd-equations for delayed neutron 
precursor groups. Many authors use six precursor groups as 
initiated by the study of G. R. Keepin et al. [9].  

Neutron population is described by the following equation: 

𝑑𝑑
𝑑𝑑𝑑𝑑 𝑛𝑛(𝑡𝑡) =

𝜌𝜌(𝑡𝑡) − 𝛽𝛽
𝛬𝛬 𝑛𝑛(𝑡𝑡) +∑𝜆𝜆𝑖𝑖

𝑁𝑁𝑁𝑁

𝑖𝑖=1
𝐶𝐶𝑖𝑖(𝑡𝑡) 

Whereas the Nd equations for delayed neutron precursors 
are shown below: 

𝑑𝑑
𝑑𝑑𝑑𝑑 𝐶𝐶𝑖𝑖(𝑡𝑡) =

𝛽𝛽𝑖𝑖
𝛬𝛬 𝑛𝑛(𝑡𝑡) − 𝜆𝜆𝑖𝑖𝐶𝐶𝑖𝑖(𝑡𝑡) 

Where: n(t) – number of neutrons, 𝜌𝜌(𝑡𝑡) – reactivity, 𝛽𝛽 – 
effective delayed neutron fraction, 𝛽𝛽𝑖𝑖 - delayed neutron 
fraction of i-th precursor group, 𝛬𝛬 – average neutron 
generation time, 𝜆𝜆𝑖𝑖 - decay constant for i-th delayed neutron 
precursor group, 𝐶𝐶𝑖𝑖(𝑡𝑡) - concentration of i-th delayed 
neutron precursor group. 

I. Introduction

In this work, authors present the neutron kinetics model 
commonly used for the loss of coolant accidents (LOCA) sa-
fety studies by system scale thermal-hydraulics (TH) codes. We 

hereby present the results of calculations done by CATHARE 3 
with full 3D core modelling at the assembly scale of a 3-loop pre-
ssurized water reactor (PWR) for Intermediate Break LOCA (IB 
LOCA). The main observation we would like to emphasize is that
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I. INTRODUCTION  

In this work, authors present the neutron kinetics model 
commonly used for the loss of coolant accidents (LOCA) 
safety studies by system scale thermal-hydraulics (TH) 
codes. We hereby present the results of calculations done by 
CATHARE 3 with full 3D core modelling at the assembly 
scale of a 3-loop pressurized water reactor (PWR) for 
Intermediate Break LOCA (IB LOCA). The main 
observation we would like to emphasize is that many other 
studies involving system scale TH codes use the point 
kinetics equation (PKE) for prediction of fission power 
evolution during the LOCA transients. Keeping in mind this 
approach is well penalized and validated to be conservative 
in variety of safety studies, we will challenge 0D neutronic 
modelling and justify the need for new developments of 
multi-physics methods for LOCA safety studies. 

More advanced neutron kinetics models exist than PKE, 
which are either the result of deterministic neutron transport 
codes solving Boltzmann equation or Monte Carlo codes 
using large statistics of tracing down each individual 
particle interactions. Some authors in their studies, often 
focused on operational conditions and non-LOCA 
accidents, use tools which involve thermal-
hydraulics/neutronics (TH-N) loose couplings (also called 
black box couplings) to incorporate better neutron kinetics 
modelling with possibility to model 3D power distribution 
changes in the core. An example is a study done with 
RELAP5/PARCS by Peakman et al. [1]. Some other 
researchers studied direct TH-N coupling methods using for 
example the Newton-Krylov approach like Zhang et al. [2]. 
Unfortunately, they are not yet implemented in the form of 
mature codes and methods for the nuclear industry. 
However, based on bibliography, we spotted a gap in studies 
related to loss of coolant accidents (LOCA), which we think 
are worth investigating using high-fidelity methods 
involving the TH-N couplings. This was also identified in 
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system scale TH code used in Framatome to predict the 
transient simulation of LOCA [8]. Currently, CATHARE 
utilizes a 0D neutronic model that solves PKE to determine 
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commonly used for the loss of coolant accidents (LOCA) 
safety studies by system scale thermal-hydraulics (TH) 
codes. We hereby present the results of calculations done by 
CATHARE 3 with full 3D core modelling at the assembly 
scale of a 3-loop pressurized water reactor (PWR) for 
Intermediate Break LOCA (IB LOCA). The main 
observation we would like to emphasize is that many other 
studies involving system scale TH codes use the point 
kinetics equation (PKE) for prediction of fission power 
evolution during the LOCA transients. Keeping in mind this 
approach is well penalized and validated to be conservative 
in variety of safety studies, we will challenge 0D neutronic 
modelling and justify the need for new developments of 
multi-physics methods for LOCA safety studies. 

More advanced neutron kinetics models exist than PKE, 
which are either the result of deterministic neutron transport 
codes solving Boltzmann equation or Monte Carlo codes 
using large statistics of tracing down each individual 
particle interactions. Some authors in their studies, often 
focused on operational conditions and non-LOCA 
accidents, use tools which involve thermal-
hydraulics/neutronics (TH-N) loose couplings (also called 
black box couplings) to incorporate better neutron kinetics 
modelling with possibility to model 3D power distribution 
changes in the core. An example is a study done with 
RELAP5/PARCS by Peakman et al. [1]. Some other 
researchers studied direct TH-N coupling methods using for 
example the Newton-Krylov approach like Zhang et al. [2]. 
Unfortunately, they are not yet implemented in the form of 
mature codes and methods for the nuclear industry. 
However, based on bibliography, we spotted a gap in studies 
related to loss of coolant accidents (LOCA), which we think 
are worth investigating using high-fidelity methods 
involving the TH-N couplings. This was also identified in 
Wang et al. work from 2019 where the author presented a 
thorough review of multiple TH-N couplings [3]. It seems 
nontrivial that any recent code coupling described so far be 
specifically designed to address the physics of LOCAs for 
PWRs. An example can be the recent work of Peakman et 
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the evolution of instantaneous fission power.  
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Where: n(t) – number of neutrons, 𝜌𝜌(𝑡𝑡) – reactivity, 𝛽𝛽 – 
effective delayed neutron fraction, 𝛽𝛽𝑖𝑖 - delayed neutron 
fraction of i-th precursor group, 𝛬𝛬 – average neutron 
generation time, 𝜆𝜆𝑖𝑖 - decay constant for i-th delayed neutron 
precursor group, 𝐶𝐶𝑖𝑖(𝑡𝑡) - concentration of i-th delayed 
neutron precursor group. 
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By solving this system of equations, one can predict fission 
power evolution for a given temporal reactivity input. The 
global reactivity calculation is based on TH data from 
transient and includes different reactivity feedbacks. 

 

III. Methods 

The following study was done using the CATHARE 3 code. 
For sake of the demonstration, we implemented the 
complete numerical input of 3-loop PWR nuclear power 
plant (NPP) with the 3D cartesian core modelling. This level 
of fidelity was enabled in CATHARE 3 because of recent 
developments made by Prea et al. from CEA [10]. Thus, our 
input deck simulates the whole primary and secondary 
circuits, as well as key events for the IB LOCA transient. 
The new 3D core model can simulate local effects such as 
gas and liquid crossflows, departure from nucleate boiling 
due critical heat flux, as well as thermomechanical effects 
such as cladding ballooning and worsening of heat transfer 
in the fuel due to burnup fatigue. Figure 1 presents the 3D 
core model used for this study. The core bypass is modelled 
via one more axial element connecting the lower and upper 
plenum objects. Figure 2 reproduces the penalized core 
map. Three concentric rings, each using a different average 
linear heat generation rate (LHGR) for the rods were used. 
This allows to generate a bounding TH environment for the 
hot rod, which is the fuel rod with the highest LHGR located 
in centre of core model. Thus, the hot rod reaches the 
highest possible cladding temperatures and is used to 
evaluate safety criterions. Total power of the core was 
slightly higher than maximal nominal value. The central 
ring (red) concentrates the assemblies with rods having high 
LHGR and contains the hot rod, next ring (yellow) 
represents assemblies of mean core, and finally assemblies 
in outer ring (green) have the decreased LHGR to balance 
the total core power. In this cartesian core modelling, some 
corner regions are inactive (grey), no TH connection is 
allowed with these nodes and no calculations are done inside 
them. 

 
Figure 1. CATHARE 3D core model 

Additionally, the 0D neutronics model using the PKE was 
utilized to predict the fission power evolution. This allows 
the validation of CATHARE 3 for simulation of the core 
pre-accident phase and the transient after the break opening. 
The corresponding input data for PKE model is a curve of 
antireactivity along moderator mean core density computed 
for defined core geometry, fuel loading, burn-up and initial 
conditions. It is computed separately using assembly lattice 
deterministic neutronic codes like APOLLO. These 
calculations result in moderator antireactivity expressed by 
non-linear formula as a function of average density, which 
is referred as the voiding curve. Additionally, among other 
neutronic effects, the Doppler feedback law was included. 

 
Figure 2. Core fuel map 

 

IV. Results 
A. Description of the IB LOCA transient 

The IB LOCA transient starts when a breach opens in one 
of the primary coolant loops at full core power. This results 
in depressurisation of the primary circuit and start of fluid 
loss from the system. This period is called blowdown phase. 
Meanwhile, critical heat flux for some of the fuel elements 
is reached and leads to departure from nucleate boiling 
regime in their proximity. This causes occurrence of first 
peak cladding temperature (PCT1) for hot rod within the 
first few seconds of the transient. As the core fission power 
is going down mostly due moderator antireactivity feedback 
and SCRAM, the cladding temperature decreases. However, 
because of decreased pressure and lack of liquid in the core, 
some claddings are not able to achieve the wet contact with 
the fluid again. Inside the core, the steam produced does not 
allow to maintain cooling via heat exchange with fuel rod 
claddings. The several dozen seconds later, a second peak 
cladding temperature (PCT2) for hot rod occurs when the 
core is almost empty, this is core uncovery phase, and 
claddings are heating up adiabatically due to the decay heat. 
For PCT2 value, the fission energy released in the fuel from 
the beginning of the transient impacts the adiabatic heating, 
defining the initial temperature from which this second rise 
starts. The ultimate and last phase of the transient is referred 
as core reflooding, when water from the accumulators 
rushes into the core, rapidly cooling down the claddings and 
restoring the wet contact with liquid, which improves the 
heat transfer. From this moment, the active safety systems 
sustain the cooling of the core, preventing the more severe 
consequences. 
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B. Selected data from the IB LOCA transient 

Some of the IB LOCA transient data are presented below. 
Due sensitivity of some information presented here, the data 
was normalized, but main transient features necessary to 
explain the subject are valid. The normalized PCT evolution 
during IB LOCA for hot rod is presented on the Figure 3. 
Similarly, the evolution of average fluid density in the core 
is presented on Figure 4.  

 
Figure 3. Normalized maximal cladding temperature evolution with 
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Figure 4. Normalized average moderator density evolution in the core 

We want to focus on the fact that fission power is driven by 
neutronic feedbacks responding to voiding of the core and 
fuel temperature evolutions. This power is a result of 0D 
neutron kinetics model of CATHARE 3. The global fission 
power evolution is presented on Figure 5. Moreover, the 
residual and decay power are included in the simulation as 
additional laws, not presented hereby. In CATHARE, the 
average fluid density in the core is used to get the moderator 
antireactivity, based on highly penalized voiding curve law. 
This feedback is presented on Figure 6. Additionally, the 
Doppler feedback is modelled via average effective 
temperature, as presented on Figure 7. However, the 
Doppler in LOCA is in fact strongly spatially dependent and 
brings positive reactivity feedback when the fuel cools 

down, which may result in neutronic instabilities at the 
beginning of transient. The average density profile in the 
core after 1 second of breach opening is presented on Figure 
8. Please note that voiding is concentrated locally near the 
hottest assemblies. 

 
Figure 5. Normalized global fission power evolution 

 

Figure 6. Normalized moderator reactivity feedback 

 

Figure 7. Normalized Doppler reactivity feedback 

Fig. 3. Normalized maximal cladding temperature evolution with two 
peaks: PCT1 and PCT2

Fig. 4. Normalized average moderator density evolution in the core
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Figure 8. Normalized average moderator density profile in the core 
after 1 s of transient 

 

C. Challenging the PKE neutron kinetics  

Using new 3D core capacity, we see that density is not 
changing uniformly in the core for IB LOCA transients, but 
it is strongly correlated with places where boiling occurs as 
presented on Figure 8. The other places in the core, mostly 
near its bottom have similar TH conditions as at the pre-
accident phase. Thus, in a local sense, the environment for 
neutrons has not yet changed there, which may be under-
conservative to assume that antireactivity feedback 
influences these regions. Keeping in mind, the PKE uses 
penalized law for moderator antireactivity and power is 
lower at these axial positions. Contrary, the top part of the 
core and the hottest assemblies present strong void fraction, 
and fuel is hotter than in any other places in the core. If their 
power change with the global kinetics, it is clearly an over-
conservative behaviour. Moreover, time taken to void the 
core is much longer than in Large Break LOCA (LB 
LOCA). These facts are justifying the research on other high 
fidelity neutron kinetics models for system scale TH codes. 
We like to mention that in the LB LOCA simulations we 
observe strong voiding effects, leading to quasi-uniform 
rapid decrease in moderator fluid density. Such scenarios 
justify the use of the PKE model, since core voiding brings 
fast and large antireactivity feedback, stopping fission 
reaction within a few seconds. 

 

V. Conclusions 

The neutron PKE is used in many of the current system scale 
TH codes to predict fission power for the LOCA transients. 
It is well justified in the case of rapid uniform voiding of the 
core, since resulting antireactivity can be well modelled via 
global approach. However, the slower core voiding with 
strong fluid heterogeneities common for the IB LOCA 
transients are challenging these neutronic assumptions. 
Thus, the investigation of multi- physics phenomena in the 
IB LOCA transients are of high importance for the 
development of new high-fidelity tools for the LOCA safety 
studies. In this work the authors presented preliminary 
results of IB LOCA transient on a stylized full 3D core 
modelling with CATHARE 3 and PKE 0D neutronics to 

justify a roadmap for the new developments. We plan to 
continue our research by developing and validating a more 
advanced multi-dimensional neutron kinetics model for 
CATHARE 3, that could furthermore be coupled with a 3D 
Neutronics core calculation. The main objective of our 
upcoming research is then to perform TH-N 3D/3D 
coupling for IB LOCA, thus improving current approaches 
such as voiding curve methodologies, and more accurate 
flow dissymmetry during the transient. 
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of transient
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Figure 8. Normalized average moderator density profile in the core 
after 1 s of transient 

 

C. Challenging the PKE neutron kinetics  

Using new 3D core capacity, we see that density is not 
changing uniformly in the core for IB LOCA transients, but 
it is strongly correlated with places where boiling occurs as 
presented on Figure 8. The other places in the core, mostly 
near its bottom have similar TH conditions as at the pre-
accident phase. Thus, in a local sense, the environment for 
neutrons has not yet changed there, which may be under-
conservative to assume that antireactivity feedback 
influences these regions. Keeping in mind, the PKE uses 
penalized law for moderator antireactivity and power is 
lower at these axial positions. Contrary, the top part of the 
core and the hottest assemblies present strong void fraction, 
and fuel is hotter than in any other places in the core. If their 
power change with the global kinetics, it is clearly an over-
conservative behaviour. Moreover, time taken to void the 
core is much longer than in Large Break LOCA (LB 
LOCA). These facts are justifying the research on other high 
fidelity neutron kinetics models for system scale TH codes. 
We like to mention that in the LB LOCA simulations we 
observe strong voiding effects, leading to quasi-uniform 
rapid decrease in moderator fluid density. Such scenarios 
justify the use of the PKE model, since core voiding brings 
fast and large antireactivity feedback, stopping fission 
reaction within a few seconds. 

 

V. Conclusions 

The neutron PKE is used in many of the current system scale 
TH codes to predict fission power for the LOCA transients. 
It is well justified in the case of rapid uniform voiding of the 
core, since resulting antireactivity can be well modelled via 
global approach. However, the slower core voiding with 
strong fluid heterogeneities common for the IB LOCA 
transients are challenging these neutronic assumptions. 
Thus, the investigation of multi- physics phenomena in the 
IB LOCA transients are of high importance for the 
development of new high-fidelity tools for the LOCA safety 
studies. In this work the authors presented preliminary 
results of IB LOCA transient on a stylized full 3D core 
modelling with CATHARE 3 and PKE 0D neutronics to 

justify a roadmap for the new developments. We plan to 
continue our research by developing and validating a more 
advanced multi-dimensional neutron kinetics model for 
CATHARE 3, that could furthermore be coupled with a 3D 
Neutronics core calculation. The main objective of our 
upcoming research is then to perform TH-N 3D/3D 
coupling for IB LOCA, thus improving current approaches 
such as voiding curve methodologies, and more accurate 
flow dissymmetry during the transient. 
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Next-Generation SiC and GaN Inverters with Advanced 
Real-Time Adaptive Control 

Awais Khan, Wenshou Wang, Arshad Rauf, Muhammad Ilyas, Bo Zhang

Summary — Silicon Carbide (SiC) and Gallium Nitride (GaN) in-
verters deliver exceptional efficiency and high-speed switching, ma-
king them ideal for applications in electric vehicles, renewable energy 
systems, and aerospace. However, conventional control techniques, 
such as Pulse Width Modulation (PWM) and Proportional-Inte-
gral-Derivative (PID) controllers, often fail to address the dynamic 
thermal and electrical characteristics of these wide-bandgap devices. 
This paper proposes an advanced real-time adaptive control strategy 
tailored for SiC and GaN inverters, optimizing efficiency, stability, 
and fault tolerance through dynamic parameter tuning. Comprehen-
sive simulations demonstrate that the proposed approach achieves 
a significantly reduced Integral of Time-weighted Absolute Error 
(ITAE) of 8449.83, compared to 14178.29 for PD and 14177.47 for P 
controllers, with faster response times and minimal overshoot. By mi-
tigating switching losses and electromagnetic interference, this stra-
tegy enhances performance in high-frequency operations. This work 
lays a robust foundation for next-generation inverter designs, with 
future research focused on experimental validation and integration of 
hybrid control architectures.

Keywords — inverter technology, SiC, GaN, advanced control 
strategies, adaptive control

I. Introduction

Inverter technology is pivotal in modern energy systems, 
enabling efficient conversion of direct current (DC) to al-
ternating current (AC) for renewable integration, electric 

vehicles (EVs), and aerospace applications. Recent advances 
in wide-bandgap (WBG) semiconductors such as SiC and 
GaN have significantly enhanced inverter performance, 
offe-ring higher switching frequencies, reduced conduction 
losses, and improved thermal resilience compared with 
conventional silicon devices [1]–[4].

Corresponding authors: Arshad Rauf, Muhammad Ilyas

Awais Khan and Wenshuo Wang are with the Department of Energy and 
Transportation, Beijing Institute of Technology, Zhuhai 519088, China, (emails: 
awais@bit.edu.cn; ws.wang@bit.edu.cn).

Arshad Rauf and Muhammad Ilyas are with the College of Intelligent 
Systems Science and Engineering, Harbin Engineering University, Harbin, 
Heilongjiang 150001, China (e-mail: ilyascomsate@yahoo.com; arshad@

nuaa.edu.cn).
Bo Zhang is with the College of Mechatronics and Control Engineering, 
Shenzhen University and Shenzhen Intelligent Operation Laboratory, Research 
Institute of Northwestern Polytechnical University in Shenzhen, Shenzhen 
518060, China, (email: zhangbo@szu.edu.cn).

SiC-based inverters, characterized by WBG and high thermal 
conductivity, enable high-voltage operation and efficient heat dis-
sipation—making them suitable for power-dense and 
high-tempe-rature environments [5]–[8]. These material 
properties allow faster transient response and improved fault 
tolerance when combined with modern control schemes. 

Similarly, GaN devices exhibit superior electron mobility and 
low gate charge, supporting ultra-fast switching frequencies 
and compact converter designs ideal for high-frequency, 
low-to-me-dium power applications [9]–[12]. However, both 
technologies challenge conventional control strategies such as 
PI and PWM, which struggle to maintain efficiency and stability 
under dynamic load and thermal conditions. However, 
conventional control strate-gies, such as Proportional-Integral (PI) 
control and PWM, struggle to fully exploit the capabilities of 
SiC and GaN devices, particu-larly at high switching frequencies 
(>100 kHz) and under dynamic thermal conditions [13]–[15]. 
These limitations result in subopti-mal efficiency, increased 
harmonic distortion, and challenges in managing 
electromagnetic interference (EMI). Advanced control methods, 
such as MPC and Digital Signal Processing (DSP)-based 
techniques, have shown promise in addressing these issues but are 
often designed to DC-DC converters or lack comprehensive vali-
dation for high-frequency DC-AC inverters [16]–[19].

To address these challenges, this paper proposes an adaptive 
control framework that dynamically adjusts inverter parameters in 
real time to optimize efficiency, stability, and fault tolerance. The 
approach is specifically designed for SiC- and GaN-based 
inver-ters, leveraging their physical characteristics to achieve up 
to 40% lower ITAE compared with traditional controllers. The 
main con-tributions of this work are:

1. Optimized Efficiency via Adaptive Control: By em-
ploying the high-speed switching and thermal advantages
of SiC and GaN, our adaptive control strategy minimizes
conduction and switching losses, achieving up to 40%
lower ITAE compared to traditional PI and PWM.

2. Advanced Thermal Management: We introduce dynamic
thermal management algorithms to mitigate thermal stress
in WBG devices, enhancing reliability and longevity in
high-power applications.

3. Compact and High-Power Designs: The integration of
adaptive control with SiC and GaN enables compact in-
verters with increased power density, suitable for space-
constrained applications like EVs and aerospace systems.
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4. Comprehensive Simulation-Based Analysis: Unlike prior
studies focusing on theoretical models, this work provi-
des quantitative comparisons of adaptive control against
traditional methods, validated through detailed simulati-
ons of electrical losses, high-frequency stability, and fault
tolerance.

This study bridges key gaps by addressing limited adaptability 
of conventional control algorithms, inadequate thermal manage-
ment, and the lack of rigorous performance validation in WBG in-
verters. An adaptive control framework for SiC and GaN conver-
ters is developed, dynamically tuning parameters to sustain high 
efficiency and stability under varying conditions. The framework 
combines Lyapunov-based adaptation with real-time switching 
and thermal regulation, yielding significant improvements in 
power efficiency, fault tolerance, and dynamic response. Section II 
analyzes SiC/GaN characteristics, Section III formulates the mo-
dels, Section IV details the adaptive control design and stability 
proof, Section V presents simulation results and comparisons, and 
Section VI concludes with insights for scalable, energy-efficient 
WBG converter technologies.

II. Material Properties and Design Implications
This section examines the unique properties of SiC and GaN

that directly influence i nverter c ontrol p erformance in power-
dense applications such as electric vehicles, renewable energy 
systems, and aerospace. The focus is placed on material charac-
teristics that have measurable effects on dynamic control perfor-
mance, including switching behavior, thermal response, and EMI 
resilience.

A. SiC-Based Inverter Performance
SiC, a wide-bandgap semiconductor with a bandgap of 3.26 

eV, exhibits high thermal conductivity (3.7 W/cmK) and a critical 
electric field s trength o f 2 .8 M V/cm, enabling reliable operati-
on in high-voltage and high-temperature environments [20]–[22]. 
These properties reduce thermal stress during rapid switching and 
support efficient operation up to 500 kHz. From a control perspec-
tive, SiC’s rapid thermal recovery and low specific on-resistance 
(1–2 mΩcm2) facilitate real-time gain tuning and minimize overs-
hoot under tran-sient loads.Compared with silicon-based inverters, 
SiC devices achieve up to 30% lower switching losses, allowing 
highbandwidth control [23]–[26]. Adaptive control algorithms 
exploit these attributes to adjust switching patterns dynamically, 
improving harmonic suppression, thermal balance, and steadystate 
precision.Integrating SiC also reduces the size of passive compo-
nents by up to 40%, which is critical for compact automotive and 
aerospace converters [27], [28]. Its superior thermal conductivity 
lowers cooling requirements, supporting lightweight and high-effi-
ciency inverter architectures.

B. GaN-Based Inverters
GaN, with a bandgap of 3.4 eV and electron mobility of 2000 

cm2/Vs, supports ultra-fast switching frequencies exceeding 1 
MHz due to its high electron saturation veloc-ity [27], [28]. Its low 
gate charge (5–10 nC) and small onresistance (10–20 mΩ) ena-
ble high-speed control response and accurate voltage regulation, 
enhancing compatibility with realtime adaptive and model-predic-
tive algorithms.Compared with silicon, GaN devices exhibit up to 
50% lower switching losses, enabling higher power density and 
reduced passive components [29], [30]. At very high frequencies, 
GaN’s susceptibility to EMI and thermal drift necessitates adaptive 
adjustment of switching intervals and gain scheduling to maintain 
closedloop stability.Such enhancements achieve up to 20 dB EMI 
reduction while sustaining efficiencies above 98% [31].

C. Comparative AnalysisSiC excels in high-voltage, high-
power systems (e.g., 1200 V) due to superior thermal conductivity 
and robustness, whereas GaN is optimal for high-frequency, me-
dium-power applications (e.g., 650 V) owing to faster switching 
and lower gate charge. In the proposed control framework, SiC 
devices primarily benefit from thermal-based adaptation mecha-
nisms, while GaN devices emphasize EMI-aware gain regulation 
and transient current compensation. Table I summarizes the key 
parameters and corresponding control implications.

Table I

Comparison of SiC and GaN Properties and Control 
Requirements

Property SiC GaN
Bandgap (eV) 3.26 3.4

Thermal Conductivity (W/
cm·K)

3.7 1.3

Electron Mobility (cm2/V·s) 900 2000

Switching Frequency 
(kHz) Up to 500 Up to 1000

Key Control Challenge Thermal Management EMI Mitigation

Typical Applications
Electric Vehicles (EVs) Consumer Electronics
Grid-Tied Systems EVs

This comparative overview highlights how SiC’s superior 
thermal conductivity and GaN’s high electron mobility demand 
distinct control objectives. The adaptive control framework de-
veloped in this work is designed to exploit these material charac-
teristics, providing real-time thermal compensation for SiC and 
EMI-aware regulation for GaN inverters, thereby achieving high 
efficiency and dynamic stability in nextgeneration power systems.

III. Preliminaries Data
This section examines control systems for inverters, contra-

sting traditional and modern approaches to highlight their integra-
tion with SiC and GaN semiconductors. The control framework 
integrates SiC/GaN switching devices, feedback loops, and ther-
mal management to enhance inverter performance. We evaluate 
the impact of these strategies on efficiency, stability, and reliability, 
emphasizing adaptive control for high-frequency WBG inverters 
operating above 100 kHz.

A. Traditional Control Approaches
Pulse-Width Modulation (PWM): PWM is a cornerstone of in-

verter control, modulating pulse widths to regulate output voltage 
and current. By switching transistors at frequencies of 10 to 100 
kHz, PWM approximates desired waveforms, such as sinusoidal 
outputs. Variants include SPWM, SVPWM, and Hysteresis PWM. 
SPWM, valued for its simplicity, generates sine-like outputs but 
introduces harmonic distortion (THD > 5%) at high frequencies 
[1-2]. SVPWM optimizes switching patterns, reducing losses by 
up to 15% in SiC inverters compared to SPWM [22].

PID Control: PID control adjusts inverter outputs based on the 
error between desired and actual values using proportional, inte-
gral and derivative terms. PID is effective for linear systems but 
struggles with nonlinear dynamics and high switching frequency 
(>100kHz) inverters, resulting in longer settling times (e.g., 0.5ms 
vs. 0.1ms for advanced methods) and reduced stability under dyna-
mic loads [3].

Limitations of Traditional Approaches: Traditional PWM and 
PID methods face challenges with WBG inverters. PWM incurs 
switching losses (up to 20% of total losses in SiC systems) and 
harmonic distortion (THD > 5% at
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100kHz), degrading efficiency [4]. PID controllers exhibit 
poor adaptability to SiC/GaN’s rapid transients, causing overshoot 
(e.g., 10% in GaN systems) and suboptimal performance in high-
frequency applications [5]. These limitations necessitate advanced 
control strategies to fully leverage WBG materials.

B. Modern Control Strategies
Modern control strategies, such as MPC, DSP-based methods

and adaptive control, utilize the high-speed switching (>100 kHz) 
and superior thermal properties of SiC and GaN inverters. While 
MPC and DSP offer advanced performance through precise mo-
deling and real-time computation, adaptive control stands out by 
dynamically ease the limitations of traditional techniques, ensuring 
enhanced efficiency, stability, and fault tolerance in demanding 
applications like electric vehicles and renewable energy systems 
[41].

1. MPC and DSP Techniques: MPC and DSP techniques
leverage the high-speed switching (> 100 kHz) and ther-
mal capabilities of SiC and GaN inverters to enhance per-
formance in applications like EVs and renewable energy
systems. MPC uses a dynamic inverter model to predict fu-
ture states and optimize control actions in real-time, acco-
unting for nonlinearities and constraints (e.g., voltage li-
mits, thermal bounds). It reduces switching losses by 25%
in SiC systems and achieves harmonic distortion (THD <
3%) in GaN inverters, with gate signal adjustments within
10 µs for stable operation under variable loads [32]-[35].
Complementarily, DSP enables realtime implementation
of advanced algorithms through highspeed calculations
(e.g., 100 MHz sampling). It supports adaptive PWM and
real-time monitoring of temperature and load changes, re-
ducing switching losses by 20% in SiC inverters and alle-
viate EMI in GaN systems, improving reliability [11][13].
While effective, these methods rely on predefined models
or computational intensity, which may limit adaptability
to dynamic conditions.

2. Adaptive Control to Enhance Inverter Performance:
Adaptive control optimizes SiC and GaN inverters by
leveraging their high-frequency switching (500 kHz for
SiC, > 1 MHz for GaN) and thermal resilience, surpa-
ssing traditional methods like PID and PWM, as well as
modern techniques such as MPC and DSP, in applications
like EVs and renewable energy systems. Through real-ti-
me tuning of gate driver parameters, it reduces switching 
losses by 30% in SiC inverters, mitigates EMI by 15 dB in 
GaN systems, and achieves efficiencies up to 99% under 
thermal variations reaching 150◦C [36]. Unlike model-de-
pendent approaches, adaptive control dynamically adjusts 
to nonlinearities, thermal fluctuations, and load variations 
without predefined models, ensuring rapid response and 
stability. It improves stability margins by 20% over PID, 
as verified by closed-loop eigenvalue analysis and Lyapu-
nov criteria [18]. Simulations confirm i ts e ffectiveness, 
showing a 40% reduction in the ITAE compared to PID 
(8449.83 vs. 14178.29) and a 35% reduction in energy 
losses compared to PWM under variable loads [37]. By 
optimizing gate signals, adaptive control achieves harmo-
nic distortion below 2% (THD < 2%), enhancing power 
density for EVs and grid systems [36]. Despite these bene-
fits, h igh c omputational d emands at frequencies above 1 
MHz, requiring up to 10 GFLOPS, pose challenges [20]. 
Future research will explore computationally efficient al-
gorithms, active thermal management, and machine lear-
ning-based predictive methods to reduce processing needs 
y 30%, further enhancing the efficib ency, reliability, and 

robustness of next-generation wide-bandgap inverters.

IV. Proposed Adaptive Control Design with
Real-Time Adjustments

The proposed adaptive control framework dynamically adju-
sts inverter parameters in real time to maintain high efficiency and 
stability under varying operating conditions. It integrates system 
modeling, adaptive gain tuning, and stability analysis to achieve 
robust performance for both SiC- and GaNbased inverters. An 
adaptive control design technique is developed for SiC and GaN 
inverters, utilizing their high-frequency switching capabilities (500 
kHz for SiC, 1 MHz for GaN) while addressing thermal and EMI 
challenges, as illustrated in the flowchart m odel i n F ig. 1 . T he 
d esign i ncorporates realtime parameter adjustments to optimize 
efficiency (>98.5% for SiC, >99% for GaN), stability and dyna-
mic response under varying load and temperature conditions. We 
derive the control law, integrate the provided simulation algorithm 
and compare performance with PID and MPC, validated through 
simulations. For clarity, all parameters and symbols used throu-
ghout the equations are summarized in Appendix A. The inverter 
dynamics form the foundation for the adaptive control law, expre-
ssed through the following state-space representation.

x˙(t) = A(t)x(t) + B(t)u(t),	 y(t) = Cx(t),	 (1)

where x(t) = [iL, vC ]T represents the state vector composed of the 
inductor current iL and the capacitor voltage vC . The control input 
u(t) denotes the inverter duty cycle, while the output y(t) corres-
ponds to the load current. The overall formulation consists of two 
coupled subsystems: the converter model and the control system 
model. The converter model describes the physical dynamics of 
the inverter stage, governed by the state-space matrices A(t), B(t), 
and C, which represent the LC energy exchange and semiconduc-
tor switching processes. In contrast, the control system model defi-
nes the adaptive law that determines how the control signal u(t) is 
updated in real time based on the measured states (iL, vC ). The inte-
raction between both subsystems occurs through a feedback loop: 
the converter provides measurable outputs used by the controller to 
compute u(t), which in turn modulates the inverter’s duty cycle and 
switching sequence. This separation ensures that physical device 
dynamics and control adaptation are clearly modeled while main-
taining closed-loop stability and efficiency.

The system matrices A(t), B(t), and C describe the underlying 
switching and energy transfer dynamics of the converter. Specifi-
cally, A(t) governs the coupling between current and voltage states 
and reflects the internal energy exchange between the inductor and 
capacitor. It captures both the natural resonance of the LC network 
and the devicespecific damping influenced by conduction and 
switching

losses. The matrix B(t) represents how the control signal (duty 
ratio) modulates the inductor current and, consequently, the overall 
power flow, whereas C defines the measured output channel used 
for feedback. For wide-bandgap devices such as SiC and GaN, 
these matrices are parameterized by thermal and electromagnetic 
conditions, introducing timevarying elements in A(t) and B(t).

For the SiC inverter, A(t) accounts for temperaturedependent 
resistance and switching characteristics, with junction temperatu-
re Tj varying up to 150◦C. For the GaN inverter, A(t) includes the 
high-frequency parasitic and EMI-induced dynamics that influen-
ce stability at MHz-level switching. The corresponding matrices 
are given as:
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where x(t) = [iL, vC ]
T represents the state vector composed

of the inductor current iL and the capacitor voltage vC . The
control input u(t) denotes the inverter duty cycle, while the
output y(t) corresponds to the load current.

The overall formulation consists of two coupled subsystems:
the converter model and the control system model. The con-
verter model describes the physical dynamics of the inverter
stage, governed by the state-space matrices A(t), B(t), and C,
which represent the LC energy exchange and semiconductor
switching processes. In contrast, the control system model
defines the adaptive law that determines how the control signal
u(t) is updated in real time based on the measured states
(iL, vC). The interaction between both subsystems occurs
through a feedback loop: the converter provides measurable
outputs used by the controller to compute u(t), which in turn
modulates the inverter’s duty cycle and switching sequence.
This separation ensures that physical device dynamics and
control adaptation are clearly modeled while maintaining
closed-loop stability and efficiency.

The system matrices A(t), B(t), and C describe the
underlying switching and energy transfer dynamics of the
converter. Specifically, A(t) governs the coupling between
current and voltage states and reflects the internal energy
exchange between the inductor and capacitor. It captures both
the natural resonance of the LC network and the device-
specific damping influenced by conduction and switching

losses. The matrix B(t) represents how the control signal (duty
ratio) modulates the inductor current and, consequently, the
overall power flow, whereas C defines the measured output
channel used for feedback. For wide-bandgap devices such as
SiC and GaN, these matrices are parameterized by thermal and
electromagnetic conditions, introducing time-varying elements
in A(t) and B(t).

For the SiC inverter, A(t) accounts for temperature-
dependent resistance and switching characteristics, with junc-
tion temperature Tj varying up to 150◦C. For the GaN inverter,
A(t) includes the high-frequency parasitic and EMI-induced
dynamics that influence stability at MHz-level switching. The
corresponding matrices are given as:

ASiC =

[
0 −1
1 −0.05

]
, BSiC =

[
0
1

]
,

AGaN =

[
0 −1
1 −0.02

]
, BGaN =

[
0
1

]
,

C =
[
1 0

]
.

The matrices ASiC, BSiC, AGaN, and BGaN originate from the
averaged small-signal state-space representation of the inverter.
Each element of A(t) captures the coupling dynamics between
the inductor current iL and capacitor voltage vC , where the
off-diagonal terms describe energy transfer between magnetic
and electric storage elements. The negative diagonal entries,
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through a feedback loop: the converter provides measurable
outputs used by the controller to compute u(t), which in turn
modulates the inverter’s duty cycle and switching sequence.
This separation ensures that physical device dynamics and
control adaptation are clearly modeled while maintaining
closed-loop stability and efficiency.

The system matrices A(t), B(t), and C describe the
underlying switching and energy transfer dynamics of the
converter. Specifically, A(t) governs the coupling between
current and voltage states and reflects the internal energy
exchange between the inductor and capacitor. It captures both
the natural resonance of the LC network and the device-
specific damping influenced by conduction and switching

losses. The matrix B(t) represents how the control signal (duty
ratio) modulates the inductor current and, consequently, the
overall power flow, whereas C defines the measured output
channel used for feedback. For wide-bandgap devices such as
SiC and GaN, these matrices are parameterized by thermal and
electromagnetic conditions, introducing time-varying elements
in A(t) and B(t).

For the SiC inverter, A(t) accounts for temperature-
dependent resistance and switching characteristics, with junc-
tion temperature Tj varying up to 150◦C. For the GaN inverter,
A(t) includes the high-frequency parasitic and EMI-induced
dynamics that influence stability at MHz-level switching. The
corresponding matrices are given as:

ASiC =

[
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1 −0.05
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, BSiC =
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1
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,

AGaN =
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, BGaN =
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,

C =
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.

The matrices ASiC, BSiC, AGaN, and BGaN originate from the
averaged small-signal state-space representation of the inverter.
Each element of A(t) captures the coupling dynamics between
the inductor current iL and capacitor voltage vC , where the
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The matrices ASiC, BSiC, AGaN, and BGaN originate from the ave-
raged small-signal state-space representation of the inverter. Each 
element of A(t) captures the coupling dynamics between the in-
ductor current iL and capacitor voltage vC , where the off-diagonal 
terms describe energy transfer between magnetic and electric sto-
rage elements. The negative diagonal entries, such as −0.05 for 
SiC and −0.02 for GaN, correspond to effective damping factors 
that account for conduction losses, switching delays, and internal 
parasitic effects. The input matrices BSiC and BGaN reflect the con-
trol influence of the applied gate-drive voltage or duty ratio on 
the inductor current dynamics, while the output matrix C = [1 0] 
maps the inductor current to the measurable output. The distinc-
tion between SiC and GaN parameters arises from their thermal 
and electrical characteristics, SiC exhibits higher thermal stability 
but greater switching losses, whereas GaN achieves faster respon-
se with lower loss coefficients. These matrix formulations provide 
the foundation for the adaptive controller, ensuring that real-time 
gain updates compensate for material-dependent nonlinearities and 
thermal variations.

The current-voltage behavior of the SiC MOSFET can be 
expressed as:

where

 Equation (2) gives the SiC drain current–voltage relation. Li-
nearization about the operating point provides the input gain that 

enters BSiC and the effective damping terms that populate ASiC. Thus 
VGS becomes the primary control handle for reducing conduction 
and switching losses during adaptation.

Similarly, the drain current behavior for the GaN HEMT devi-
ce is modeled as:

where β = 0.1 A/V2, α = 0.5 V−1, Vth = 1.5 V, and W/L = 200 
[38]. Equation (3) captures GaN current with velocitysaturation via 
tanh(αVDS), which limits di/dt and reflects EMI sensitivity at high 
VDS . Its local Jacobians define the entries of AGaN and BGaN, guiding 
the adaptive gate control so that VGS updates improve tracking whi-
le respecting EMI and saturation constraints.

The junction temperature model represents the thermal beha-
vior of the inverter under the combined effect of conduction and 
switching losses, providing a direct link between electrical and 
thermal domains:

In this model, Ta = 25◦C denotes the ambient temperature, Rth 
= 0.5◦C/W for SiC and 1.0◦C/W for GaN is the thermal resistance 
from junction to case, and Psw = 0.3 W (SiC, 500 kHz) or 0.1 W 
(GaN, 1 MHz) represent conduction and switching power losses, 
respectively [38]. The junction temperature Tj directly influences 
on-resistance and carrier mobility of SiC and GaN devices, thereby 
affecting inverter efficiency and dynamic response. Within the pro-
posed adaptive framework, this temperature feedback is used to 
adjust control parameters in real time, ensuring stable and efficient 
operation under varying load and switching conditions.

Fig. 1. Flowchart of the proposed SiC/GaN inverter system showing integrated power conversion, control and thermal regulation loops, with data flow 
between the converter, regulators and control subsystems for adaptive stability and efficiency.

such as −0.05 for SiC and −0.02 for GaN, correspond to
effective damping factors that account for conduction losses,
switching delays, and internal parasitic effects. The input
matrices BSiC and BGaN reflect the control influence of the
applied gate-drive voltage or duty ratio on the inductor current
dynamics, while the output matrix C = [1 0] maps the inductor
current to the measurable output. The distinction between SiC
and GaN parameters arises from their thermal and electrical
characteristics, SiC exhibits higher thermal stability but greater
switching losses, whereas GaN achieves faster response with
lower loss coefficients. These matrix formulations provide the
foundation for the adaptive controller, ensuring that real-time
gain updates compensate for material-dependent nonlinearities
and thermal variations.

The current-voltage behavior of the SiC MOSFET can be
expressed as:

ID =
1

2
µnCox

W

L
(VGS − Vth)

2(1 + λVDS), (2)

where µn = 900 cm2/V · s, Cox = 50 nF/cm2, W/L = 100,
Vth = 2.5 V, and λ = 0.01 V−1 [38]. Equation (2) gives
the SiC drain current–voltage relation. Linearization about the
operating point provides the input gain that enters BSiC and
the effective damping terms that populate ASiC. Thus VGS

becomes the primary control handle for reducing conduction
and switching losses during adaptation.

Similarly, the drain current behavior for the GaN HEMT
device is modeled as:

ID = β
W

L
(VGS − Vth)

2 tanh(αVDS), (3)

where β = 0.1 A/V2, α = 0.5 V−1, Vth = 1.5 V, and
W/L = 200 [38]. Equation (3) captures GaN current with
velocity-saturation via tanh(αVDS), which limits di/dt and
reflects EMI sensitivity at high VDS . Its local Jacobians define
the entries of AGaN and BGaN, guiding the adaptive gate control
so that VGS updates improve tracking while respecting EMI
and saturation constraints.

The junction temperature model represents the thermal be-
havior of the inverter under the combined effect of conduction
and switching losses, providing a direct link between electrical
and thermal domains:

Tj = Ta +Rth(Pcond + Psw). (4)

In this model, Ta = 25◦C denotes the ambient temperature,
Rth = 0.5◦C/W for SiC and 1.0◦C/W for GaN is the thermal
resistance from junction to case, and Psw = 0.3 W (SiC,
500 kHz) or 0.1 W (GaN, 1 MHz) represent conduction
and switching power losses, respectively [38]. The junction
temperature Tj directly influences on-resistance and carrier
mobility of SiC and GaN devices, thereby affecting inverter
efficiency and dynamic response. Within the proposed adaptive
framework, this temperature feedback is used to adjust control
parameters in real time, ensuring stable and efficient operation
under varying load and switching conditions.

The adaptive control law defines the dynamic regulation
of inverter current by minimizing the tracking error between
the reference and actual current. This formulation allows the

controller to self-tune its gains in response to temperature
and voltage variations, maintaining robustness and precision
in fast-switching environments.

u(t) = K(t)e(t) +Kr(t)yref(t), (5)

Here, u(t) represents the control input or gate-drive signal
applied to the inverter, e(t) = yref(t) − y(t) is the tracking
error, and K(t) and Kr(t) denote the adaptive feedback and
feedforward gains, respectively. The continuous adjustment of
these parameters guided by the thermal model enables the
system to achieve temperature-aware stability and efficiency
in real-time operation.

The parameter vector θ(t) = [K(t),Kr(t)]
T is updated

using the adaptive law

θ̇(t) = −γϕ(t)e(t), ϕ(t) = [e(t), yref(t)]
T , (6)

with adaptation gain γ = 0.01. This adaptation rule governs
the real-time evolution of controller gains, where ϕ(t) repre-
sents the regression vector combining the instantaneous error
and reference signals. The negative gradient term −γϕ(t)e(t)
drives θ(t) toward an optimal value that minimizes the
tracking error energy. Through this continuous adjustment,
the controller compensates for parameter drift and nonlinear
variations caused by temperature rise, switching losses, or load
disturbances. Consequently, the adaptive mechanism ensures
sustained efficiency maintaining 98.5% for SiC and 99% for
GaN inverters, while preserving closed-loop stability under
dynamic operating conditions.

Inverter current iL, capacitor voltage vC , and output current
y(t) are directly measured through on-board sensors and
used for real-time feedback. The junction temperature Tj and
switching loss Psw are computed online using the thermal
model in (4), providing temperature-dependent correction sig-
nals for the adaptive controller. The parameters K(t) and
Kr(t) are updated adaptively via (6), whereas quantities such
as the adaptation gain γ, thermal resistance Rth, and device
threshold voltage Vth are fixed based on device specifications.
System matrices A(t), B(t), and C represent known inverter
dynamics and remain constant during each switching interval.

To further enhance overall inverter performance, adaptive
gate control and EMI mitigation mechanisms are incorporated
to address switching loss and electromagnetic interference
effects. The gate–source voltage is dynamically tuned to
minimize switching losses:

VGS(t) = VGS,nom +∆VGS
Tj(t)− Tj,nom

Tj,max
, (7)

where VGS,nom = 15 V (SiC) or 6 V (GaN), ∆VGS = 5 V,
Tj,nom = 25◦C, and Tj,max = 150◦C. This adaptive voltage
regulation effectively lowers conduction and switching losses
in SiC devices by approximately 30%, improving efficiency
without compromising transient response.

For GaN devices, EMI is mitigated by dynamically ad-
justing the switching interval according to the drain–source
voltage profile:

tsw(t) = tsw,0

(
1 + kEMI

VDS(t)

VDS,max

)
, (8)

5

such as −0.05 for SiC and −0.02 for GaN, correspond to
effective damping factors that account for conduction losses,
switching delays, and internal parasitic effects. The input
matrices BSiC and BGaN reflect the control influence of the
applied gate-drive voltage or duty ratio on the inductor current
dynamics, while the output matrix C = [1 0] maps the inductor
current to the measurable output. The distinction between SiC
and GaN parameters arises from their thermal and electrical
characteristics, SiC exhibits higher thermal stability but greater
switching losses, whereas GaN achieves faster response with
lower loss coefficients. These matrix formulations provide the
foundation for the adaptive controller, ensuring that real-time
gain updates compensate for material-dependent nonlinearities
and thermal variations.

The current-voltage behavior of the SiC MOSFET can be
expressed as:

ID =
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µnCox
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(VGS − Vth)

2(1 + λVDS), (2)

where µn = 900 cm2/V · s, Cox = 50 nF/cm2, W/L = 100,
Vth = 2.5 V, and λ = 0.01 V−1 [38]. Equation (2) gives
the SiC drain current–voltage relation. Linearization about the
operating point provides the input gain that enters BSiC and
the effective damping terms that populate ASiC. Thus VGS

becomes the primary control handle for reducing conduction
and switching losses during adaptation.

Similarly, the drain current behavior for the GaN HEMT
device is modeled as:

ID = β
W

L
(VGS − Vth)

2 tanh(αVDS), (3)

where β = 0.1 A/V2, α = 0.5 V−1, Vth = 1.5 V, and
W/L = 200 [38]. Equation (3) captures GaN current with
velocity-saturation via tanh(αVDS), which limits di/dt and
reflects EMI sensitivity at high VDS . Its local Jacobians define
the entries of AGaN and BGaN, guiding the adaptive gate control
so that VGS updates improve tracking while respecting EMI
and saturation constraints.

The junction temperature model represents the thermal be-
havior of the inverter under the combined effect of conduction
and switching losses, providing a direct link between electrical
and thermal domains:

Tj = Ta +Rth(Pcond + Psw). (4)

In this model, Ta = 25◦C denotes the ambient temperature,
Rth = 0.5◦C/W for SiC and 1.0◦C/W for GaN is the thermal
resistance from junction to case, and Psw = 0.3 W (SiC,
500 kHz) or 0.1 W (GaN, 1 MHz) represent conduction
and switching power losses, respectively [38]. The junction
temperature Tj directly influences on-resistance and carrier
mobility of SiC and GaN devices, thereby affecting inverter
efficiency and dynamic response. Within the proposed adaptive
framework, this temperature feedback is used to adjust control
parameters in real time, ensuring stable and efficient operation
under varying load and switching conditions.

The adaptive control law defines the dynamic regulation
of inverter current by minimizing the tracking error between
the reference and actual current. This formulation allows the

controller to self-tune its gains in response to temperature
and voltage variations, maintaining robustness and precision
in fast-switching environments.

u(t) = K(t)e(t) +Kr(t)yref(t), (5)

Here, u(t) represents the control input or gate-drive signal
applied to the inverter, e(t) = yref(t) − y(t) is the tracking
error, and K(t) and Kr(t) denote the adaptive feedback and
feedforward gains, respectively. The continuous adjustment of
these parameters guided by the thermal model enables the
system to achieve temperature-aware stability and efficiency
in real-time operation.

The parameter vector θ(t) = [K(t),Kr(t)]
T is updated

using the adaptive law

θ̇(t) = −γϕ(t)e(t), ϕ(t) = [e(t), yref(t)]
T , (6)

with adaptation gain γ = 0.01. This adaptation rule governs
the real-time evolution of controller gains, where ϕ(t) repre-
sents the regression vector combining the instantaneous error
and reference signals. The negative gradient term −γϕ(t)e(t)
drives θ(t) toward an optimal value that minimizes the
tracking error energy. Through this continuous adjustment,
the controller compensates for parameter drift and nonlinear
variations caused by temperature rise, switching losses, or load
disturbances. Consequently, the adaptive mechanism ensures
sustained efficiency maintaining 98.5% for SiC and 99% for
GaN inverters, while preserving closed-loop stability under
dynamic operating conditions.

Inverter current iL, capacitor voltage vC , and output current
y(t) are directly measured through on-board sensors and
used for real-time feedback. The junction temperature Tj and
switching loss Psw are computed online using the thermal
model in (4), providing temperature-dependent correction sig-
nals for the adaptive controller. The parameters K(t) and
Kr(t) are updated adaptively via (6), whereas quantities such
as the adaptation gain γ, thermal resistance Rth, and device
threshold voltage Vth are fixed based on device specifications.
System matrices A(t), B(t), and C represent known inverter
dynamics and remain constant during each switching interval.

To further enhance overall inverter performance, adaptive
gate control and EMI mitigation mechanisms are incorporated
to address switching loss and electromagnetic interference
effects. The gate–source voltage is dynamically tuned to
minimize switching losses:

VGS(t) = VGS,nom +∆VGS
Tj(t)− Tj,nom

Tj,max
, (7)

where VGS,nom = 15 V (SiC) or 6 V (GaN), ∆VGS = 5 V,
Tj,nom = 25◦C, and Tj,max = 150◦C. This adaptive voltage
regulation effectively lowers conduction and switching losses
in SiC devices by approximately 30%, improving efficiency
without compromising transient response.

For GaN devices, EMI is mitigated by dynamically ad-
justing the switching interval according to the drain–source
voltage profile:

tsw(t) = tsw,0

(
1 + kEMI

VDS(t)

VDS,max

)
, (8)
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such as −0.05 for SiC and −0.02 for GaN, correspond to
effective damping factors that account for conduction losses,
switching delays, and internal parasitic effects. The input
matrices BSiC and BGaN reflect the control influence of the
applied gate-drive voltage or duty ratio on the inductor current
dynamics, while the output matrix C = [1 0] maps the inductor
current to the measurable output. The distinction between SiC
and GaN parameters arises from their thermal and electrical
characteristics, SiC exhibits higher thermal stability but greater
switching losses, whereas GaN achieves faster response with
lower loss coefficients. These matrix formulations provide the
foundation for the adaptive controller, ensuring that real-time
gain updates compensate for material-dependent nonlinearities
and thermal variations.

The current-voltage behavior of the SiC MOSFET can be
expressed as:

ID =
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µnCox
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(VGS − Vth)

2(1 + λVDS), (2)

where µn = 900 cm2/V · s, Cox = 50 nF/cm2, W/L = 100,
Vth = 2.5 V, and λ = 0.01 V−1 [38]. Equation (2) gives
the SiC drain current–voltage relation. Linearization about the
operating point provides the input gain that enters BSiC and
the effective damping terms that populate ASiC. Thus VGS

becomes the primary control handle for reducing conduction
and switching losses during adaptation.

Similarly, the drain current behavior for the GaN HEMT
device is modeled as:

ID = β
W
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(VGS − Vth)

2 tanh(αVDS), (3)

where β = 0.1 A/V2, α = 0.5 V−1, Vth = 1.5 V, and
W/L = 200 [38]. Equation (3) captures GaN current with
velocity-saturation via tanh(αVDS), which limits di/dt and
reflects EMI sensitivity at high VDS . Its local Jacobians define
the entries of AGaN and BGaN, guiding the adaptive gate control
so that VGS updates improve tracking while respecting EMI
and saturation constraints.

The junction temperature model represents the thermal be-
havior of the inverter under the combined effect of conduction
and switching losses, providing a direct link between electrical
and thermal domains:

Tj = Ta +Rth(Pcond + Psw). (4)

In this model, Ta = 25◦C denotes the ambient temperature,
Rth = 0.5◦C/W for SiC and 1.0◦C/W for GaN is the thermal
resistance from junction to case, and Psw = 0.3 W (SiC,
500 kHz) or 0.1 W (GaN, 1 MHz) represent conduction
and switching power losses, respectively [38]. The junction
temperature Tj directly influences on-resistance and carrier
mobility of SiC and GaN devices, thereby affecting inverter
efficiency and dynamic response. Within the proposed adaptive
framework, this temperature feedback is used to adjust control
parameters in real time, ensuring stable and efficient operation
under varying load and switching conditions.

The adaptive control law defines the dynamic regulation
of inverter current by minimizing the tracking error between
the reference and actual current. This formulation allows the

controller to self-tune its gains in response to temperature
and voltage variations, maintaining robustness and precision
in fast-switching environments.

u(t) = K(t)e(t) +Kr(t)yref(t), (5)

Here, u(t) represents the control input or gate-drive signal
applied to the inverter, e(t) = yref(t) − y(t) is the tracking
error, and K(t) and Kr(t) denote the adaptive feedback and
feedforward gains, respectively. The continuous adjustment of
these parameters guided by the thermal model enables the
system to achieve temperature-aware stability and efficiency
in real-time operation.

The parameter vector θ(t) = [K(t),Kr(t)]
T is updated

using the adaptive law

θ̇(t) = −γϕ(t)e(t), ϕ(t) = [e(t), yref(t)]
T , (6)

with adaptation gain γ = 0.01. This adaptation rule governs
the real-time evolution of controller gains, where ϕ(t) repre-
sents the regression vector combining the instantaneous error
and reference signals. The negative gradient term −γϕ(t)e(t)
drives θ(t) toward an optimal value that minimizes the
tracking error energy. Through this continuous adjustment,
the controller compensates for parameter drift and nonlinear
variations caused by temperature rise, switching losses, or load
disturbances. Consequently, the adaptive mechanism ensures
sustained efficiency maintaining 98.5% for SiC and 99% for
GaN inverters, while preserving closed-loop stability under
dynamic operating conditions.

Inverter current iL, capacitor voltage vC , and output current
y(t) are directly measured through on-board sensors and
used for real-time feedback. The junction temperature Tj and
switching loss Psw are computed online using the thermal
model in (4), providing temperature-dependent correction sig-
nals for the adaptive controller. The parameters K(t) and
Kr(t) are updated adaptively via (6), whereas quantities such
as the adaptation gain γ, thermal resistance Rth, and device
threshold voltage Vth are fixed based on device specifications.
System matrices A(t), B(t), and C represent known inverter
dynamics and remain constant during each switching interval.

To further enhance overall inverter performance, adaptive
gate control and EMI mitigation mechanisms are incorporated
to address switching loss and electromagnetic interference
effects. The gate–source voltage is dynamically tuned to
minimize switching losses:

VGS(t) = VGS,nom +∆VGS
Tj(t)− Tj,nom

Tj,max
, (7)

where VGS,nom = 15 V (SiC) or 6 V (GaN), ∆VGS = 5 V,
Tj,nom = 25◦C, and Tj,max = 150◦C. This adaptive voltage
regulation effectively lowers conduction and switching losses
in SiC devices by approximately 30%, improving efficiency
without compromising transient response.

For GaN devices, EMI is mitigated by dynamically ad-
justing the switching interval according to the drain–source
voltage profile:

tsw(t) = tsw,0
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1 + kEMI

VDS(t)
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Tj = Ta + Rth(Pcond+ Psw).	 (4)
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The adaptive control law defines the dynamic regulation of 
inverter current by minimizing the tracking error between the re-
ference and actual current. This formulation allows the controller 
to self-tune its gains in response to temperature and voltage va-
riations, maintaining robustness and precision in fast-switching 
environments.

	 u(t) = K(t)e(t) + Kr(t)yref(t),	 (5)

Here, u(t) represents the control input or gate-drive signal 
applied to the inverter, e(t) = yref(t) − y(t) is the tracking error, and 
K(t) and Kr(t) denote the adaptive feedback and feedforward gains,
respectively. The continuous adjustment of these parameters gu-
ided by the thermal model enables the system to achieve tempera-
ture-aware stability and efficiency in real-time operation.

The parameter vector θ(t) = [K(t), Kr(t)]T is updated using the 
adaptive law 

θ˙(t) = −γ(t)e(t), (t) = [e(t),yref(t)]T, 	 (6)

with adaptation gain γ = 0.01. This adaptation rule governs the 
real-time evolution of controller gains, where (t) repre-sents the 
regression vector combining the instantaneous error and reference 
signals. The negative gradient term −γ(t)e(t) drives θ(t) toward an 
optimal value that minimizes the tracking error energy. Through 
this continuous adjustment, the controller compensates for para-
meter drift and nonlinear variations caused by temperature rise, 
switching losses, or load disturbances. Consequently, the adaptive 
mechanism ensures sustained efficiency maintaining 98.5% for 
SiC and 99% for GaN inverters, while preserving closed-loop sta-
bility under dynamic operating conditions.

Inverter current iL, capacitor voltage vC , and output current y(t) 
are directly measured through on-board sensors and used for real-
time feedback. The junction temperature Tj and switching loss Psw
are computed online using the thermal model in (4), providing tem-
perature-dependent correction signals for the adaptive controller. 
The parameters K(t) and Kr(t) are updated adaptively via (6), whe-
reas quantities such as the adaptation gain γ, thermal resistance Rth, 
and device threshold voltage Vth are fixed based on device specifi-
cations. System matrices A(t), B(t), and C represent known inverter 
dynamics and remain constant during each switching interval.

To further enhance overall inverter performance, adaptive gate 
control and EMI mitigation mechanisms are incorporated to addre-
ss switching loss and electromagnetic interference effects. The 
gate–source voltage is dynamically tuned to minimize switching 
losses:

where VGS,nom = 15 V (SiC) or 6 V (GaN), ∆VGS = 5 V, Tj,nom 
= 25◦C, and Tj,max = 150◦C. This adaptive voltage regulation effec-
tively lowers conduction and switching losses in SiC devices by 
approximately 30%, improving efficiency without compromising 
transient response.

For GaN devices, EMI is mitigated by dynamically adjusting 
the switching interval according to the drain–source voltage profile:

where kEMI = 0.1 and VDS,max = 650 V. This control adaptation 
reduces electromagnetic noise by approximately 20 dB, yielding 
smoother transient performance and higher system reliability. 
System stability is verified through a Lyapunovbased analysis, 
where the candidate function is defined as follows:

V (t) = x(t)T P x(t) + θ(t)T Γ−1θ(t), 	 (9)

where P and Γ are positive definite matrices. The condition

V˙ (t) < 0 holds when

	 (A − BK(t)C)TP + P(A − BK(t)C) = −Q,	 (10)

where Q is positive definite matrix.

This formulation guarantees asymptotic stability across all 
operating frequencies, confirming that adaptive gain updates pre-
serve robustness against thermal and load variations. It ensures clo-
sed-loop stability at 500 kHz for SiC and 1 MHz for GaN, yielding 
a 20% improvement in stability margin compared with the PID 
baseline [37]. In the real-time digital implementation, the Lyapu-
nov stability criterion is evaluated at discrete sampling intervals 
that correspond to the controller’s update rate. The continuous-ti-
me condition V˙ (t) < 0 is therefore expressed in its discrete coun-
terpart as:

∆V (k) = V (k + 1) − V (k) < 0, 

ensuring monotonic energy decay across samples. All adap-ti-
ve parameters, including K(t) and θ(t), are updated at a sampling 
rate of 0.01 ms, which aligns with the inverter’s 100 kHz–1 MHz 
switching frequencies. This synchronization guarantees that the 
Lyapunov-based stability verified in the continuous domain is pre-
served in discrete operation. Conse-quently, the real-time imple-
mentation maintains bounded state trajectories and convergence 
of adaptive gains, confirming closed-loop robustness under digital 
sampling constraints.

The complete implementation procedure of the adaptive con-
trol scheme is outlined in Algorithm 1, which applies to both SiC 
and GaN inverter models. Algorithm 1 provides a step-by-step re-
alization of the adaptive controller, integrating the control laws de-
fined in (5)–(6) with the iterative state propagation and gain adap-
tation mechanisms given in (11)–(20). The algorithm explicitly 
captures the real-time interaction between state evolution, error 
correction, and parameter learning, thereby demonstrating how the 
proposed control law dynamically tunes the inverter performance 
under varying load and thermal conditions.

Algorithm 1 Adaptive Control Simulation for SiC and GaN 
Inverters

Goal: Track yref(t) while updating gains online and propagating 
device dynamics. 

Parameters:

Initializations:

xSiC = x0, xGaN = x0, KSiC = K0, KGaN = K0 

for i = 1 to length(time) do 

Compute control inputs:

uSiC(t) = KSiC(t)eSiC(t) + Kr,SiC(t)yref(t)

uGaN(t) = KGaN(t)eGaN(t) + Kr,GaN(t)yref(t)

Update state trajectories:

x˙SiC(t) = ASiC xSiC(t) + BSiC uSiC(t), (11)

x˙GaN(t) = AGaN xGaN(t) + BGaN uGaN(t), Update states: (12)

xSiC(t + ∆t) = xSiC(t) + x˙SiC(t)∆t, (13)

such as −0.05 for SiC and −0.02 for GaN, correspond to
effective damping factors that account for conduction losses,
switching delays, and internal parasitic effects. The input
matrices BSiC and BGaN reflect the control influence of the
applied gate-drive voltage or duty ratio on the inductor current
dynamics, while the output matrix C = [1 0] maps the inductor
current to the measurable output. The distinction between SiC
and GaN parameters arises from their thermal and electrical
characteristics, SiC exhibits higher thermal stability but greater
switching losses, whereas GaN achieves faster response with
lower loss coefficients. These matrix formulations provide the
foundation for the adaptive controller, ensuring that real-time
gain updates compensate for material-dependent nonlinearities
and thermal variations.

The current-voltage behavior of the SiC MOSFET can be
expressed as:

ID =
1

2
µnCox

W

L
(VGS − Vth)

2(1 + λVDS), (2)

where µn = 900 cm2/V · s, Cox = 50 nF/cm2, W/L = 100,
Vth = 2.5 V, and λ = 0.01 V−1 [38]. Equation (2) gives
the SiC drain current–voltage relation. Linearization about the
operating point provides the input gain that enters BSiC and
the effective damping terms that populate ASiC. Thus VGS

becomes the primary control handle for reducing conduction
and switching losses during adaptation.

Similarly, the drain current behavior for the GaN HEMT
device is modeled as:

ID = β
W

L
(VGS − Vth)

2 tanh(αVDS), (3)

where β = 0.1 A/V2, α = 0.5 V−1, Vth = 1.5 V, and
W/L = 200 [38]. Equation (3) captures GaN current with
velocity-saturation via tanh(αVDS), which limits di/dt and
reflects EMI sensitivity at high VDS . Its local Jacobians define
the entries of AGaN and BGaN, guiding the adaptive gate control
so that VGS updates improve tracking while respecting EMI
and saturation constraints.

The junction temperature model represents the thermal be-
havior of the inverter under the combined effect of conduction
and switching losses, providing a direct link between electrical
and thermal domains:

Tj = Ta +Rth(Pcond + Psw). (4)

In this model, Ta = 25◦C denotes the ambient temperature,
Rth = 0.5◦C/W for SiC and 1.0◦C/W for GaN is the thermal
resistance from junction to case, and Psw = 0.3 W (SiC,
500 kHz) or 0.1 W (GaN, 1 MHz) represent conduction
and switching power losses, respectively [38]. The junction
temperature Tj directly influences on-resistance and carrier
mobility of SiC and GaN devices, thereby affecting inverter
efficiency and dynamic response. Within the proposed adaptive
framework, this temperature feedback is used to adjust control
parameters in real time, ensuring stable and efficient operation
under varying load and switching conditions.

The adaptive control law defines the dynamic regulation
of inverter current by minimizing the tracking error between
the reference and actual current. This formulation allows the

controller to self-tune its gains in response to temperature
and voltage variations, maintaining robustness and precision
in fast-switching environments.

u(t) = K(t)e(t) +Kr(t)yref(t), (5)

Here, u(t) represents the control input or gate-drive signal
applied to the inverter, e(t) = yref(t) − y(t) is the tracking
error, and K(t) and Kr(t) denote the adaptive feedback and
feedforward gains, respectively. The continuous adjustment of
these parameters guided by the thermal model enables the
system to achieve temperature-aware stability and efficiency
in real-time operation.

The parameter vector θ(t) = [K(t),Kr(t)]
T is updated

using the adaptive law

θ̇(t) = −γϕ(t)e(t), ϕ(t) = [e(t), yref(t)]
T , (6)

with adaptation gain γ = 0.01. This adaptation rule governs
the real-time evolution of controller gains, where ϕ(t) repre-
sents the regression vector combining the instantaneous error
and reference signals. The negative gradient term −γϕ(t)e(t)
drives θ(t) toward an optimal value that minimizes the
tracking error energy. Through this continuous adjustment,
the controller compensates for parameter drift and nonlinear
variations caused by temperature rise, switching losses, or load
disturbances. Consequently, the adaptive mechanism ensures
sustained efficiency maintaining 98.5% for SiC and 99% for
GaN inverters, while preserving closed-loop stability under
dynamic operating conditions.

Inverter current iL, capacitor voltage vC , and output current
y(t) are directly measured through on-board sensors and
used for real-time feedback. The junction temperature Tj and
switching loss Psw are computed online using the thermal
model in (4), providing temperature-dependent correction sig-
nals for the adaptive controller. The parameters K(t) and
Kr(t) are updated adaptively via (6), whereas quantities such
as the adaptation gain γ, thermal resistance Rth, and device
threshold voltage Vth are fixed based on device specifications.
System matrices A(t), B(t), and C represent known inverter
dynamics and remain constant during each switching interval.

To further enhance overall inverter performance, adaptive
gate control and EMI mitigation mechanisms are incorporated
to address switching loss and electromagnetic interference
effects. The gate–source voltage is dynamically tuned to
minimize switching losses:

VGS(t) = VGS,nom +∆VGS
Tj(t)− Tj,nom

Tj,max
, (7)

where VGS,nom = 15 V (SiC) or 6 V (GaN), ∆VGS = 5 V,
Tj,nom = 25◦C, and Tj,max = 150◦C. This adaptive voltage
regulation effectively lowers conduction and switching losses
in SiC devices by approximately 30%, improving efficiency
without compromising transient response.

For GaN devices, EMI is mitigated by dynamically ad-
justing the switching interval according to the drain–source
voltage profile:

tsw(t) = tsw,0

(
1 + kEMI

VDS(t)

VDS,max

)
, (8)
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velocity-saturation via tanh(αVDS), which limits di/dt and
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and thermal domains:
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resistance from junction to case, and Psw = 0.3 W (SiC,
500 kHz) or 0.1 W (GaN, 1 MHz) represent conduction
and switching power losses, respectively [38]. The junction
temperature Tj directly influences on-resistance and carrier
mobility of SiC and GaN devices, thereby affecting inverter
efficiency and dynamic response. Within the proposed adaptive
framework, this temperature feedback is used to adjust control
parameters in real time, ensuring stable and efficient operation
under varying load and switching conditions.

The adaptive control law defines the dynamic regulation
of inverter current by minimizing the tracking error between
the reference and actual current. This formulation allows the
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in fast-switching environments.
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Here, u(t) represents the control input or gate-drive signal
applied to the inverter, e(t) = yref(t) − y(t) is the tracking
error, and K(t) and Kr(t) denote the adaptive feedback and
feedforward gains, respectively. The continuous adjustment of
these parameters guided by the thermal model enables the
system to achieve temperature-aware stability and efficiency
in real-time operation.

The parameter vector θ(t) = [K(t),Kr(t)]
T is updated

using the adaptive law

θ̇(t) = −γϕ(t)e(t), ϕ(t) = [e(t), yref(t)]
T , (6)

with adaptation gain γ = 0.01. This adaptation rule governs
the real-time evolution of controller gains, where ϕ(t) repre-
sents the regression vector combining the instantaneous error
and reference signals. The negative gradient term −γϕ(t)e(t)
drives θ(t) toward an optimal value that minimizes the
tracking error energy. Through this continuous adjustment,
the controller compensates for parameter drift and nonlinear
variations caused by temperature rise, switching losses, or load
disturbances. Consequently, the adaptive mechanism ensures
sustained efficiency maintaining 98.5% for SiC and 99% for
GaN inverters, while preserving closed-loop stability under
dynamic operating conditions.

Inverter current iL, capacitor voltage vC , and output current
y(t) are directly measured through on-board sensors and
used for real-time feedback. The junction temperature Tj and
switching loss Psw are computed online using the thermal
model in (4), providing temperature-dependent correction sig-
nals for the adaptive controller. The parameters K(t) and
Kr(t) are updated adaptively via (6), whereas quantities such
as the adaptation gain γ, thermal resistance Rth, and device
threshold voltage Vth are fixed based on device specifications.
System matrices A(t), B(t), and C represent known inverter
dynamics and remain constant during each switching interval.

To further enhance overall inverter performance, adaptive
gate control and EMI mitigation mechanisms are incorporated
to address switching loss and electromagnetic interference
effects. The gate–source voltage is dynamically tuned to
minimize switching losses:

VGS(t) = VGS,nom +∆VGS
Tj(t)− Tj,nom

Tj,max
, (7)

where VGS,nom = 15 V (SiC) or 6 V (GaN), ∆VGS = 5 V,
Tj,nom = 25◦C, and Tj,max = 150◦C. This adaptive voltage
regulation effectively lowers conduction and switching losses
in SiC devices by approximately 30%, improving efficiency
without compromising transient response.

For GaN devices, EMI is mitigated by dynamically ad-
justing the switching interval according to the drain–source
voltage profile:
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xGaN(t + ∆t) = xGaN(t) + x˙GaN(t)∆t,

Calculate errors:

(14)

eSiC(t) = C xSiC(t) − yref(t), (15)

eGaN(t) = C xGaN(t) − yref(t),

Update adaptive gains:

(16)

(17)

Record states and gains:

	 xSiC hist(:,i) = xSiC(t),	 KSiC hist(:,i) = KSiC(t),     (19)

	 xGaN hist(:,i) = xGaN(t),	 KGaN hist(:,i) = KGaN(t)    (20)

end for

Simulations using Algorithm 1 show a 40% reduction in ITAE 
(8449.83 vs. 14178.29 for PID), efficiencies of 98.5% (SiC) and 
99% (GaN), and 20 dB EMI reduction in GaN at 1 MHz. Adaptive 
control outperforms PID and MPC in SiC
Fig. 2. State trajectories and adaptive gain evolution for the SiC inverter.

Fig. 3. State trajectories and adaptive gain evolution for the GaN inverter.

Fig. 2 and Fig. 3 illustrate state trajectories and adaptive gain 
evolution. Both SiC and GaN inverters exhibit stable and well-
damped state responses under rapid switching conditions, con-
firming the controller’s capability to maintain dynamic stability. 
The adaptive gain evolution demonstrates real-time convergence 
and self-tuning behavior, allowing compensation for parameter 
and temperature variations during operation. These characteristics 
lead to enhanced robustness and improved steady-state accuracy. 
Practically, SiC and GaN achieve a 40% ITAE reduction (8449.83) 
and a faster transient response of 0.08 ms compared with 0.5 ms 
for PID [37], which directly translates to superior power quality 
and reduced stress but quickly stabilizes, demonstrating the pro-
posed controller’s ability to regulate junction temperature effecti-
vely under highfrequency switching. GaN devices exhibit a margi-
nally higher initial power dissipation, primarily attributed to faster 
switching transients, yet both devices converge to near-zero dissi-
pation within 40 s. This indicates excellent thermal resilience and 
loss mitigation, enabling sustained operation at efficiencies betwe-
en 98.5% and 99%. In practical terms, such behavior minimizes 
thermal stress, extends device lifetime, and ensures stable inverter 
performance under continuous high-speed operation.

The computational requirement of approximately 2-GFLOPS 
was analytically estimated from the number of floating point ope-
rations executed per control cycle primarily the matrix multiplica-
tions and adaptive-gain updates in (5) and (6); at a controller upda-
te interval of 0.01 ms. Averaged over the full simulation horizon, 
this corresponds to 2× 109 operations per second, representing the 
typical computational demand of the proposed adaptive algorithm. 

where kEMI = 0.1 and VDS,max = 650 V. This control adap-
tation reduces electromagnetic noise by approximately 20 dB,
yielding smoother transient performance and higher system
reliability. System stability is verified through a Lyapunov-
based analysis, where the candidate function is defined as
follows:

V (t) = x(t)TPx(t) + θ(t)TΓ−1θ(t), (9)

where P and Γ are positive definite matrices. The condition
V̇ (t) < 0 holds when

(A−BK(t)C)TP + P (A−BK(t)C) = −Q, (10)

where Q is positive definite matrix.
This formulation guarantees asymptotic stability across all

operating frequencies, confirming that adaptive gain updates
preserve robustness against thermal and load variations. It
ensures closed-loop stability at 500 kHz for SiC and 1 MHz
for GaN, yielding a 20% improvement in stability margin
compared with the PID baseline [37]. In the real-time digital
implementation, the Lyapunov stability criterion is evaluated at
discrete sampling intervals that correspond to the controller’s
update rate. The continuous-time condition V̇ (t) < 0 is
therefore expressed in its discrete counterpart as:

∆V (k) = V (k + 1)− V (k) < 0,

ensuring monotonic energy decay across samples. All adap-
tive parameters, including K(t) and θ(t), are updated at a
sampling rate of 0.01 ms, which aligns with the inverter’s
100 kHz–1 MHz switching frequencies. This synchronization
guarantees that the Lyapunov-based stability verified in the
continuous domain is preserved in discrete operation. Conse-
quently, the real-time implementation maintains bounded state
trajectories and convergence of adaptive gains, confirming
closed-loop robustness under digital sampling constraints.

The complete implementation procedure of the adaptive
control scheme is outlined in Algorithm 1, which applies to
both SiC and GaN inverter models. Algorithm 1 provides a
step-by-step realization of the adaptive controller, integrating
the control laws defined in (5)–(6) with the iterative state prop-
agation and gain adaptation mechanisms given in (11)–(20).
The algorithm explicitly captures the real-time interaction
between state evolution, error correction, and parameter learn-
ing, thereby demonstrating how the proposed control law
dynamically tunes the inverter performance under varying load
and thermal conditions.

Algorithm 1 Adaptive Control Simulation for SiC and GaN
Inverters

Goal: Track yref(t) while updating gains online and propa-
gating device dynamics.
Parameters:
K0 =

[
0.1 0.1

]
, γ = 0.01, T = 100, ∆t = 0.01

Initializations:
xSiC = x0, xGaN = x0, KSiC = K0, KGaN = K0

for i = 1 to length(time) do
Compute control inputs:

uSiC(t) = KSiC(t) eSiC(t) +Kr,SiC(t) yref(t)

uGaN(t) = KGaN(t) eGaN(t) +Kr,GaN(t) yref(t)

Update state trajectories:

ẋSiC(t) = ASiC xSiC(t) +BSiC uSiC(t), (11)

ẋGaN(t) = AGaN xGaN(t) +BGaN uGaN(t), (12)

Update states:

xSiC(t+∆t) = xSiC(t) + ẋSiC(t)∆t, (13)

xGaN(t+∆t) = xGaN(t) + ẋGaN(t)∆t, (14)

Calculate errors:

eSiC(t) = C xSiC(t)− yref(t), (15)

eGaN(t) = C xGaN(t)− yref(t), (16)

Update adaptive gains:

KSiC(t+∆t) = KSiC(t) + γ eSiC(t)x
⊤
SiC(t)∆t, (17)

KGaN(t+∆t) = KGaN(t) + γ eGaN(t)x
⊤
GaN(t)∆t, (18)

Record states and gains:

xSiC hist(:, i) = xSiC(t), KSiC hist(:, i) = KSiC(t), (19)

xGaN hist(:, i) = xGaN(t), KGaN hist(:, i) = KGaN(t)
(20)

end for

Simulations using Algorithm 1 show a 40% reduction in
ITAE (8449.83 vs. 14178.29 for PID), efficiencies of 98.5%
(SiC) and 99% (GaN), and 20 dB EMI reduction in GaN at
1 MHz. Adaptive control outperforms PID and MPC in SiC

TABLE II
COMPARISON OF CONTROL STRATEGIES FOR SIC AND GAN INVERTERS

Metric PID MPC Adaptive Control
Efficiency (SiC, 500 kHz) 95.0% 97.5% 98.5%
Efficiency (GaN, 1 MHz) 96.0% 98.0% 99.0%

Response Time (ms) 0.5 0.1 0.08
Total Harmonic Distortion (THD, %) 5.0 2.0 1.5

EMI Reduction (dB, GaN) 5 10 20
Integral Time Absolute Error (ITAE, SiC) 14178.29 10500.50 8449.83

Stability Margin (% Improvement) – 10 20
Computational Complexity (GFLOPS) 0.5 10 2

Computational Time per Cycle (µs) 5 50 10
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and GaN inverters, as shown in Table II. Adaptive control’s
real-time adjustments ((5), (6)) reduce THD to 1.5%, ITAE
by 40%, and EMI by 20 dB in GaN, with moderate computa-
tional demand (2 GFLOPS). Its dynamic response (0.08 ms)
and stability margin (20% improvement) make it ideal for
high-frequency WBG inverters in EVs and renewable energy
systems [39], [40].

Fig. 2. State trajectories and adaptive gain evolution for the SiC inverter.

Fig. 2 and Fig. 3 illustrate state trajectories and adaptive
gain evolution. Both SiC and GaN inverters exhibit stable and
well-damped state responses under rapid switching conditions,
confirming the controller’s capability to maintain dynamic
stability. The adaptive gain evolution demonstrates real-time
convergence and self-tuning behavior, allowing compensation
for parameter and temperature variations during operation.
These characteristics lead to enhanced robustness and im-
proved steady-state accuracy. Practically, SiC and GaN achieve
a 40% ITAE reduction (8449.83) and a faster transient re-
sponse of 0.08 ms compared with 0.5 ms for PID [37], which
directly translates to superior power quality and reduced stress

Fig. 3. State trajectories and adaptive gain evolution for the GaN inverter.

on switching devices in high-frequency inverter applications.
Fig. 4 provides a comprehensive overview of thermal man-

agement and power dissipation. Both SiC and GaN inverters
start at an ambient temperature of 25◦C, exhibiting efficient
thermal performance with rapid stabilization back to ambient
levels. The SiC inverter experiences a slightly higher transient
peak (due to ≈0.3 W switching losses versus 0.1 W for GaN)
but quickly stabilizes, demonstrating the proposed controller’s
ability to regulate junction temperature effectively under high-
frequency switching. GaN devices exhibit a marginally higher
initial power dissipation, primarily attributed to faster switch-
ing transients, yet both devices converge to near-zero dissi-
pation within 40 s. This indicates excellent thermal resilience
and loss mitigation, enabling sustained operation at efficiencies
between 98.5% and 99%. In practical terms, such behavior
minimizes thermal stress, extends device lifetime, and ensures
stable inverter performance under continuous high-speed op-
eration.

The computational requirement of approximately 2-
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This estimation provides a relative comparison with PID and MPC 
implementations under identical simulation conditions and illu-
strates that the algorithm is computationally feasible for real-time 
deployment on standard digital controllers.

To enable realistic simulations that mirror real-world conditi-
ons for designing reliable SiC and GaN inverters in EVs and solar 
systems, we conducted comprehensive simulations, utilizing Al-
gorithm 2 as an intelligent assistant to address practical challenges. 
With the key parameters aforementioned in Algorithm 1, we intro-
duced a fault at 50s to emulate an EV power surge and varied loads 
between 20s and 80s to simulate solar output fluctuations.

The results illustrated in Fig. 5 demonstrate robust fault tole-
rance with consistent performance under disruptions. Both SiC and 
GaN inverters maintain stability despite the introduction of a si-
mulated fault at approximately 50 s, where a 15% disturbance in 
load or switching condition is applied.

.

Fig. 4. Thermal and power dissipation responses of SiC and GaN inverters.

GFLOPS was analytically estimated from the number of float-
ing point operations executed per control cycle primarily the
matrix multiplications and adaptive-gain updates in (5) and (6);
at a controller update interval of 0.01 ms. Averaged over the
full simulation horizon, this corresponds to 2×109 operations
per second, representing the typical computational demand
of the proposed adaptive algorithm. This estimation provides
a relative comparison with PID and MPC implementations
under identical simulation conditions and illustrates that the
algorithm is computationally feasible for real-time deployment
on standard digital controllers.

To enable realistic simulations that mirror real-world con-
ditions for designing reliable SiC and GaN inverters in EVs
and solar systems, we conducted comprehensive simulations,
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Fig. 5. Fault Tolerance Analysis for SiC & GaN Inverters, demonstrating 
consistent performance in faulted & non-faulted conditions. The adaptive 
control system effectively compensates for faults, ensuring operational
stability

Algorithm 2 — Fault Introduction and Load Variation
Parameters:
K0 =

[
0.1 0.1

]
, γ = 0.01, T = 100, ∆t = 0.01

Initializations:
xSiC = x0, xGaN = x0, KSiC = K0, KGaN = K0

for i = 1 to length(time) do
1. Update control actions based on error feedback:

uSiC(i) = −KSiC(i) · xSiC(i) + γ, eSiC(i) · xSiC(i), (21)
uGaN(i) = −KGaN(i) · xGaN(i) + γ, eGaN(i) · xGaN(i)

(22)

where

eSiC(i) = C · xSiC(i)− yref,SiC(i), (23)
eGaN(i) = C · xGaN(i)− yref,GaN(i). (24)

2. Update state and adaptive gain matrices:

xSiC(i+ 1) = xSiC(i) + ẋSiC(i) ·∆t, (25)
xGaN(i+ 1) = xGaN(i) + ẋGaN(i) ·∆t, (26)

KSiC(i+ 1) = KSiC(i)− γ, eSiC(i)xSiC(i)
T ·∆t, (27)

KGaN(i+ 1) = KGaN(i)− γ, eGaN(i)xGaN(i)
T ·∆t.

(28)

3. Log state trajectories and adaptive gains for dy-
namic response analysis:

Log: xSiC(i), xGaN(i),KSiC(i),KGaN(i) ∀i ∈ [1, N ]
(29)

end for

Fig. 6. Performance Under Variable Conditions for SiC and GaN inverters.
Adaptive control adjusts parameters in real-time, enabling the inverters to
maintain performance and reliability under load and environmental changes.

ing oscillatory divergence and restoring the output trajectory
within milliseconds. This behavior validates the controller’s
fault-resilient design, ensuring that inverter performance and
output quality remain stable under partial or transient faults.
In practice, such robustness minimizes downtime, protects
connected systems, and enhances inverter reliability in electric-

Fig. 7. Enhanced Stability through Adaptive Control for SiC and GaN
inverters. The figure compares eigenvalues for closed-loop and open-loop
systems, highlighting improved stability achieved with adaptive control.

Fig. 8. Stability Analysis of Closed-Loop Systems for SiC and GaN inverters.
This plot provides insights into stability improvements, with eigenvalues
demonstrating enhanced control for both materials.

vehicle and renewable-energy applications.
Figure 6 illustrates the inverters’ real-time adaptability un-

der variable operating conditions. When load and environ-
mental parameters change around 80 s, both SiC and GaN
systems maintain smooth, stable responses without overshoot
or instability. This demonstrates the controller’s ability to ad-
just parameters online, ensuring reliable output regulation and
sustained efficiency even under fluctuating operating scenarios.

Figures 7 and 8 highlight the superior stability attained
through adaptive control. The closed-loop SiC and GaN in-
verters display rapid damping and minimal oscillations com-
pared to their open-loop counterparts, demonstrating stronger
dynamic robustness. Corresponding eigenvalue distributions
positioned further left in the complex plane confirm enhanced
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The adaptive controller automatically compensates for this 
disturbance by adjusting feedback gains in real time, preventing 
oscillatory divergence and restoring the output trajectory within 
milliseconds. This behavior validates the controller’s fault-resilient 
design, ensuring that inverter performance and output quality re-
main stable under partial or transient faults. In practice, such robus-
tness minimizes downtime, protects connected systems, and en-
hances inverter reliability in electric-vehicle an renewable-energy 
applications.

Figure 6 Ilustrates the inventer’s real-time adaptability under 
variable operating conditions. When load and enirronmental pa-
rameters change around 80 s, both SiC and GaN systems mainta-
in smooth, stable responses without overshoot or instability. This 
demonstrates the controller’s ability to adjust parameters online, 
ensuring reliable output regulation and sustained efficiency even 
under fluctuating operating scenarios.

Figures 7 and 8 highlight the superior stability attained through 
adaptive control. The closed-loop SiC and GaN inverters display 
rapid damping and minimal oscillations compared to their open-
loop counterparts, demonstrating stronger dynamic robustness. 
Corresponding eigenvalue distributions positioned further left 
in the complex plane confirm enhancedstability margins, valida-
ting sustained efficiencies of 98.5–99% under realistic operating 
conditions.

V. Performance Analysis and Comparative Studies
To provide a comprehensive assessment of the proposed adap-

tive control strategy, a comparative study is conducted with other 
popular control techniques, including PWM, MPC and Active 
Thermal Control. The objective is to highlight the performance 
differences in terms of key metrics such as temperature stabilizati-
on, power dissipation, dynamic stability, fault tolerance, and adap-
tability to variable 
ce characteristics across these control methods.

conditions. Table 1 summarizes the performan-

The comparative analysis in Table III demonstrates that the 
proposed adaptive control method excels in providing efficient 
thermal management, stability, fault tolerance, and adaptability. 
Unlike PWM, which is constrained to predefined parameters and 

has limited fault tolerance, adaptive control dynamically adjusts its 
parameters in real-time, achieving rapid stabilization and resilience 
under various conditions. MPC shows high efficiency and adapta-
bility due to its predictive nature; however, it is computationally 
intensive, which can limit its practicality in real-time applications. 
Active Thermal Control, while effective in thermal management, 
sacrifices efficiency due to energy overheads required to regulate 
temperature.

From a hardware implementation perspective, the proposed 
adaptive algorithm is computationally lightweight and can be fe-
asibly deployed on mid-range DSPs or high-performance micro-
controllers. For SiC-based inverters operating around 500 kHz, 
processors such as the TI TMS320F28379D could be utilized to 
provide adequate real-time computation with integrated PWM/
ADC peripherals. Similarly, for GaN-based systems operating near 
1 MHz, FPGA platforms such as the Xilinx Zynq-7000 are suita-
ble candidates to ensure deterministic execution and parallel data 
processing. These potential configurations indicate that the propo-
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sed control strategy is compatible with standard industrial inverter 
hardware, offering low latency, precise signal sampling, and robust 
stability for future experimental validation.

VI. Conclusion
This study introduces an advanced adaptive control strategy 

for SiC and GaN inverters, significantly enhancing efficiency, 
stability and fault tolerance in high-speed switching applicati-
ons. Using the unique properties of WBG materials, the proposed 
approach outperforms conventional methods such as PWM, MPC 
and active thermal control, delivering superior responsiveness and 
energy efficiency. C omparative analyses highlight its transfor-
mative potential for next-generation inverter systems, particularly 
in renewable energy and electric vehicle applications demanding 
high reliability. Future work will include preliminary experimen-
tal validation using SiCand GaN-based inverter prototypes with
a DSP platform to verify real-time control performance and sta-
bility under varying load and thermal conditions. This step will 
serve as the foundation for large-scale experimental implemen-
tation and practical deployment in renewable energy and electric 
vehicle systems. Additionally, integrating hybrid control with 
predictive and machine-learning techniques will address complex 
system dynamics, further advancing inverter technology. This re-
search establishes a foundation for resilient, high-efficiency power 
electronics, accelerating the adoption of WBG materials in critical 
applications.
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COMPARATIVE ANALYSIS OF CONTROL STRATEGIES FOR SIC AND GAN INVERTERS

Metric Adaptive Control PWM MPC Active Thermal Control

Temperature Profile Efficient management with rapid
stabilization around ambient

25◦C (Fig. 2)

Moderate
stabilization with

possible overshoot

Predictive adjustment
achieving efficient

stabilization

Specialized for thermal
control with gradual

stabilization

Power Dissipation Rapid decline to near-zero
(Fig. 2)

Moderate reduction
with residual loss

Optimized dissipation Actively limits thermal
rise but includes energy

overhead

Dynamic Stability Enhanced stability through
real-time gain adjustment (Fig. 4)

Limited to predefined
parameters

Predictive stability
but computationally

intensive

Moderate improvement in
stability

Fault Tolerance Effective fault compensation and
recovery (Fig. 7)

Limited fault
tolerance

Predictive fault
handling but sensitive

to model accuracy

Moderate tolerance with
heat management

Adaptability to Variable
Conditions

Responsive to load and
environmental changes (Fig. 6)

Limited adaptability Adaptive to
predictive setpoints

Limited flexibility under
thermal stress

stability margins, validating sustained efficiencies of 98.5–99%
under realistic operating conditions.

V. PERFORMANCE ANALYSIS AND COMPARATIVE
STUDIES

To provide a comprehensive assessment of the proposed
adaptive control strategy, a comparative study is conducted
with other popular control techniques, including PWM, MPC
and Active Thermal Control. The objective is to highlight
the performance differences in terms of key metrics such as
temperature stabilization, power dissipation, dynamic stability,
fault tolerance, and adaptability to variable conditions. Table
1 summarizes the performance characteristics across these
control methods.

The comparative analysis in Table III demonstrates that
the proposed adaptive control method excels in providing
efficient thermal management, stability, fault tolerance, and
adaptability. Unlike PWM, which is constrained to predefined
parameters and has limited fault tolerance, adaptive control dy-
namically adjusts its parameters in real-time, achieving rapid
stabilization and resilience under various conditions. MPC
shows high efficiency and adaptability due to its predictive
nature; however, it is computationally intensive, which can
limit its practicality in real-time applications. Active Thermal
Control, while effective in thermal management, sacrifices
efficiency due to energy overheads required to regulate tem-
perature.

From a hardware implementation perspective, the proposed
adaptive algorithm is computationally lightweight and can be
feasibly deployed on mid-range DSPs or high-performance
microcontrollers. For SiC-based inverters operating around
500 kHz, processors such as the TI TMS320F28379D could
be utilized to provide adequate real-time computation with

integrated PWM/ADC peripherals. Similarly, for GaN-based
systems operating near 1 MHz, FPGA platforms such as the
Xilinx Zynq-7000 are suitable candidates to ensure determin-
istic execution and parallel data processing. These potential
configurations indicate that the proposed control strategy is
compatible with standard industrial inverter hardware, offering
low latency, precise signal sampling, and robust stability for
future experimental validation.

VI. CONCLUSION

This study introduces an advanced adaptive control strategy
for SiC and GaN inverters, significantly enhancing efficiency,
stability and fault tolerance in high-speed switching appli-
cations. Using the unique properties of WBG materials, the
proposed approach outperforms conventional methods such as
PWM, MPC and active thermal control, delivering superior
responsiveness and energy efficiency. Comparative analyses
highlight its transformative potential for next-generation in-
verter systems, particularly in renewable energy and electric
vehicle applications demanding high reliability. Future work
will include preliminary experimental validation using SiC-
and GaN-based inverter prototypes with a DSP platform to
verify real-time control performance and stability under vary-
ing load and thermal conditions. This step will serve as the
foundation for large-scale experimental implementation and
practical deployment in renewable energy and electric vehicle
systems. Additionally, integrating hybrid control with predic-
tive and machine-learning techniques will address complex
system dynamics, further advancing inverter technology. This
research establishes a foundation for resilient, high-efficiency
power electronics, accelerating the adoption of WBG materials
in critical applications.
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Application of the ASYST Code in Estimating 
Uncertainty of the QUENCH-03 Experiment 

Calculation
 Petra Strmečki, Siniša Šadek, Davor Grgić

Summary — Core quenching is the main safety measure for miti-
gation of the consequences of a severe accident in a light water reactor 
(LWR), but it results in cladding oxidation with a large release of heat 
and hydrogen. Produced hydrogen presents a new potential problem 
for containment integrity since hydrogen mixed with air creates an 
easily flammable containment atmosphere. Therefore, it is important 
to accurately estimate the amount of hydrogen released during core 
quenching. Hydrogen production and other physical-chemical phe-
nomena in the reflooded core are modeled using specialized severe 
accident computer codes, but due to the complexity of those pheno-
mena, it is difficult to create precise and accurate computer models. 
In order to deliver experimental and analytical data to support the 
development of quench-related models in severe accident computer 
codes, QUENCH experimental program has been launched in 1996 at 
the Karlsruhe Institute of Technology (KIT). The QUENCH-03 expe-
riment was conducted in January 1999 with the aim of investigating 
the reflood behavior of PWR fuel rods with low oxidation. Although 
QUENCH experiments have given new insight into severe LWR acci-
dents, there are many sources of uncertainty in quench-related calcu-
lations, e.g. modeling of physical phenomena or numerical models of 
the plant. Those uncertainties are taken into account by the ASYST 
code, a severe accident code that uses probabilistic methodology 
based on propagation of input uncertainties. For the observed QU-
ENCH-03 experiment, the calculation and uncertainty analysis were 
carried out in the ASYST code, and the results obtained by simulation 
were compared with the experimental values. 

Keywords — QUENCH-03, ASYST, severe accident progression, 
uncertainty analysis

I. Introduction

Loss of coolant accident in a nuclear reactor can result in a se-
vere reactor overheating leading to a possible core meltdown. 
In order to avoid such a scenario, one of the main actions in 

light-water reactors (LWR) is core quenching, i.e. reflooding of the 
uncovered degraded core [1]. Although quenching prevents further 
core overheating, it causes a new safety concern, which is hydro-
gen production [2]. At high temperatures, steam reacts with zirco-
nium, which is present in the fuel cladding. Zirconium oxidation is 
highly exothermic, producing large amounts of heat and hydrogen, 
as shown in Eq. (1). Hydrogen and air create a flammable mixture, 
meaning there is a high risk of explosion, containment damage and 
radioactive material release to the environment.

      

(1)

QUENCH experimental program, launched in Karlsruhe In-
stitute of Technology (KIT, formerly FZK) in 1996, aims to inve-
stigate hydrogen production that results from the water or steam 
interaction with overheated elements of the fuel assembly and to 
identify the limits, e.g. temperature, for successful core reflood 
and quenching [3]. QUENCH program is still active and 20 expe-
riments have been conducted to date, providing researchers with 
important findings about physical-chemical phenomena occurring 
in the reflooded core. Since the number of experimental facilities 
and conducted experiments is very limited, existing databases are 
extremely valuable sources of data for severe accident code deve-
lopment and verification.

Although there are ongoing efforts in severe accident research 
and experimental database expansion, severe accident phenome-
na and related models still contain numerous uncertainties. Those 
uncertainties can have a significant influence on simulation results 
and therefore should be included in safety analyses of nuclear 
power plants [4, 5].

This paper shows a comparison of experimental and simulation 
results for the QUENCH-03 experiment, where experimental faci-
lity nodalization is adapted from [6, 7, 8]. Calculation and uncerta-
inty quantification was carried out in the ASYST code [9].
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II. Quench Experimental Program

A. QUENCH Experimental Facility
QUENCH experiments are conducted in the QUENCH expe-

rimental facility at the Karlsruhe Institute of Technology (KIT), 
Germany. The main component of the facility is the test bundle, 
which consists of 21, 24 or 31 fuel rod simulators, depending on 
the configuration for the specific experiment. Other systems inclu-
de a DC power supply for tungsten heaters, steam, water and argon 
supply systems for cooling, hydrogen measurement devices, pro-
cess control and data acquisition systems [2]. Components of the 
QUENCH experimental facility are shown in Figure 1.

Fig. 1. QUENCH experimental facility

For the QUENCH-03 experiment, the test bundle consisted of 
20 electrically heated fuel rod simulators and one central unheated 
fuel rod simulator. There were four additional corner rods positio-
ned to achieve a uniform radial temperature profile in the bundle. 

The unheated fuel rod simulator is filled with ZrO2. Heated fuel 
rod simulators consist of tungsten heaters surrounded by annular 
ZrO2 pellets. The rods are filled with a mixture of 95% argon and 
5% krypton, where argon facilitates cooling and krypton is used 
for easier fuel rod damage detection. Fuel rod cladding is made of 
Zircaloy, a material normally used for fuel rod cladding in LWRs. 
The described test bundle is enclosed in a containment.

Axial cross-section of the test bundle is shown in Figure 2 
(left). Fuel rod simulators are heated over the length of 1024 mm. 
Radial cross-section of the bundle is shown in Figure 2 (right), dis-
playing the layout of fuel rod simulators and four corner rods. 

Fig. 2. QUENCH facility and rod layout

B. QUENCH-03 Experiment
Objective of the QUENCH-02 and QUENCH-03 experiments 

was the investigation of the behavior of PWR fuel rods without 
pre-oxidation phase during the core reflood. The two experiments 
differed in electrical power profile, where QUENCH-03 had a 
steeper power transient. Pre-test calculations were conducted for 
both experiments. Obtained experimental data was planned to be 
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2.2 QUENCH-03 Experiment 

Objective of the QUENCH-02 and QUENCH-03 experiments was the investigation of the 
behavior of PWR fuel rods without pre-oxidation phase during the core reflood. The two 
experiments differed in electrical power profile, where QUENCH-03 had a steeper power transient. 
Pre-test calculations were conducted for both experiments. Obtained experimental data was planned 
to be used for developing a database for severe accident models and computer codes [2].  

The QUENCH-03 experiment consisted of three phases: the heatup phase, during which the 
bundle was heated from room temperature to ∼900 K, the transient phase and the quenching phase. 
During the transient phase, electrical power was increased from 3.75 kW to 18.4 kW. When the 
temperature in the bundle reached ∼2400 K, quenching was initiated, and a total amount of 38 liters 
of water was injected in the test bundle by the end of the experiment. The total amount of electrical 
energy used in the bundle was 30.3 MJ. Table 1 shows the detailed sequence of events. 

According to the pre-test calculations, temperature escalation was supposed to begin at the 
end of the heated zone, at 950 mm. However, temperature escalation started at a different location, 
at 750 mm, and therefore went unnoticed by the operators who expected and monitored the 
temperature excursion at 950 mm. Due to the late response by the operators, the flooding of the test 
bundle was delayed and bundle damage was more severe than predicted in the pre-test calculations.  
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used for developing a database for severe accident models and 
computer codes [2]. 

The QUENCH-03 experiment consisted of three phases: the 
heatup phase, during which the bundle was heated from room tem-
perature to ∼900 K, the transient phase and the quenching phase. 
During the transient phase, electrical power was increased from 
3.75 kW to 18.4 kW. When the temperature in the bundle reached 
∼2400 K, quenching was initiated, and a total amount of 38 liters 
of water was injected in the test bundle by the end of the experi-
ment. The total amount of electrical energy used in the bundle was 
30.3 MJ. Table 1 shows the detailed sequence of events.

According to the pre-test calculations, temperature escalation 
was supposed to begin at the end of the heated zone, at 950 mm. 
However, temperature escalation started at a different location, 
at 750 mm, and therefore went unnoticed by the operators who 
expected and monitored the temperature excursion at 950 mm. 
Due to the late response by the operators, the flooding of the test 
bundle was delayed and bundle damage was more severe than pre-
dicted in the pre-test calculations. 

Table I:  
QUENCH-03 sequence of events [2]

Time [s] Event
0 Start of data recording
900 Start of electric power transient
2379 The beginning of temperature escalation at the 750 mm level ∼ 

1402 K
2600 Quenching program initiated, electric power increase, onset of 

quenching water injection (90 g/s)
2602 44 kW of electric bundle power reached
2606 Steam flow shut off, argon flow switched to the upper bundle 

head
2619 Onset of cooling, the beginning of significant H2 production
2627 Shroud failure starting between 750 and 950 mm
2630 Quench water flow of 40 g/s reached
2734 Temperature drop at 550 mm
2747 Start of electric power reduction
2762 4 kW of electric bundle power reached
3501 Electric power shut off
3508 Quench water flow at 0 g/s
3894 End of data recording

III. ASYST model
ASYST model of the QUENCH experiment consists of no-

dalization of the facility, boundary conditions and uncertainty cal-
culation. Boundary conditions are experimentally measured data 
that describe mass flows, temperatures and pressure drops in the 
facility. Uncertainty calculation contains parameters to be varied, 
their base case values and probability density functions.

A. Nodalization and Boundary Conditions
The QUENCH facility nodalization was adapted from [6], 

where it was used for the calculation of the QUENCH-06 expe-
riment. Figure 3 (left) shows the axial nodalization of the facility 
with two types of components used in the model. RELAP5 compo-
nents are used to model argon cooling of the cooling jacket, water 
cooling in the upper and lower cooling chamber and fluid flow in 
the test bundle. SCDAP components are used to model the shroud 
along with four different types of rods in the test bundle. 

Rod layout is shown in Figure 3 (right). There is one central 
unheated rod, 20 heated rod simulators, and four unheated corner 
rods positioned to maintain a uniform radial temperature profile 
in the bundle. Shroud component includes a Zircaloy liner, fiber 
insulation and a cooling jacket inner tube [6].

Boundary conditions used in the model are argon, steam and 
quench water flow rates, electric power released in the heaters, 
temperature of the fluid at the test bundle inlet and outlet, pressure 
at the test bundle inlet and outlet, temperature at the outer surface 
of the cooling jacket and temperature of argon used for cooling at 
the bundle inlet and outlet. Volume 024 represents fluid flow in the 
test bundle, and therefore gives boundary conditions for the rods. 
Volumes 034 and 040 represent argon and water cooling, and the-
refore give boundary conditions for the outer surface of the cooling 
jacket.

B. Uncertain Parameters
Uncertainty analysis is needed in case there are uncertain pa-

rameters in the model, i.e. there are parameters to be defined for 
which the author does not have exactly determined information. 
When it comes to severe accidents, there are many processes for 
which there is a lack of experimental data and, therefore, not enou-
gh knowledge about their progression [4]. 

Sources of uncertainty can be classified as:
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Uncertainty analysis is needed in case there are uncertain parameters in the model, i.e. there 
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rate, quench water flow rate, temperature of the outer stainless steel tube and electric power, 
parameters for cladding oxidation and parameters related to melting and structural behavior. 
Variations in parameters are described by either a normal distribution or a uniform distribution. 
Selection of the uncertain parameters is subjective to some point, and depends on the author’s 
knowledge of the problem. Total of 16 parameters have been included in this analysis, with 
variations up to 2%, depending on the parameter. 

For conducting the uncertainty analysis on the RELAP/SCDAPSIM input model from [6], the 
ASYST program was used. ASYST (Adaptive SYStem Thermal-hydraulics) is an advanced 
software for nuclear safety analyses with an integrated uncertainty analysis option. The program 
determines a required number of calculations with uncertain parameters, using the Wilks formula. 
Wilks formula, Eq. (2), gives the number of calculations N to be performed in order to obtain the 
desired confidence based on three parameters. Parameters in the formula are confidence level β, 
cumulative probability γ and order m. In case of the first-order Wilks formula, the general 
expression is greatly simplified, Eq. (3). 
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•	 uncertain parameters related to experimental measurements 
(e.g. pressure and temperature)

•	 uncertain parameters related to material properties (e.g. ther-
mal conductivity)

•	 uncertain parameters related to code modeling (e.g. nodaliza-
tion, coefficients and correlations used in the codes).

Uncertain parameters varied in the analysis include boundary 
conditions such as steam flow rate, quench water flow rate, tem-
perature of the outer stainless steel tube and electric power, para-
meters for cladding oxidation and parameters related to melting 
and structural behavior. Variations in parameters are described by 
either a normal distribution or a uniform distribution. Selection of 
the uncertain parameters is subjective to some point, and depends 
on the author’s knowledge of the problem. Total of 16 parameters 
have been included in this analysis, with variations up to 2%, de-
pending on the parameter.

For conducting the uncertainty analysis on the RELAP/
SCDAPSIM input model from [6], the ASYST program was used. 
ASYST (Adaptive SYStem Thermal-hydraulics) is an advanced 
software for nuclear safety analyses with an integrated uncerta-
inty analysis option. The program determines a required number 
of calculations with uncertain parameters, using the Wilks formu-
la. Wilks formula, Eq. (2), gives the number of calculations N to 
be performed in order to obtain the desired confidence based on 
three parameters. Parameters in the formula are confidence level 
β, cumulative probability γ and order m. In case of the first-order 
Wilks formula, the general expression is greatly simplified, Eq. (3).

      

(2)

      (3)

For the first-order Wilks formula and standard values of con-
fidence level and cumulative probability, both being 0.95, number 
of calculations needed to be performed is 59. Number of calcula-
tions to be performed does not grow with the number of uncertain 
parameters. 

IV. Calculation And Results

A. Base Case Results
Before uncertainty analysis, a base case calculation is needed 

in order to confirm the validity of the model. Therefore, first part 
of the results refers to the comparison of base case results with data 
measured in the experiment. Base case results were obtained using 
the boundary conditions, e.g. quench water flow rate and pressure 
at the test bundle inlet and outlet, given in the experiment.

The base case calculation lasted 3894.5 seconds, which is in 
agreement with the duration of the experiment. The main observed 
variables are temperatures reached at different elevations in the test 
bundle, collapsed water level in the bundle and total hydrogen pro-
duction. Results of the base case calculation are shown in Figure 
4 and Figure 5. 

Fig. 4. Collapsed water level in the bundle (base case)

Fig. 5. Total hydrogen production (base case)

Total base case hydrogen production was 136 g, which is in 
satisfactory agreement with 123 g measured in the experiment. 
However, shape of the curve for the collapsed water level from 
the simulation, Figure 4, differs considerably from the curve con-
taining experimentally measured values, marked EXP in Figure 
6. Since there was a similar problem with some measurements 
obtained from QUENCH-02 experiment, after which there was a 
conclusion that some equipment did not work properly during the 
experiment, authors of this article considered the possibility that 
measurement of the collapsed water level for QUENCH-03 was 
not correct. Additional reason for considering the above possibi-
lity is similarity between QUENCH-02 and QUENCH-03 expe-
riments, shown in Table 2. Since both experiments had the same 
objective and very similar conditions in the bundle, their results 
were also expected to be similar. For instance, both experiments 
had similar power profiles and quenching water injection rates. 
Comparing curve shapes for QUENCH-02 and QUENCH-03 
experiments also indicates that QUENCH-03 measurements of the 
collapsed water level could be wrong. 

Table II:  
QUENCH test matrix [10]

Test QUENCH 
medium 
injection 
rate [g/s]

Temp. at 
onset of 
flooding 
(at 950 mm) 
[K]

Post-test 
average ZrO2 
thickness (at 950 
mm) [µm]

H2 prod. 
before/
during 
cooldown 
[g]

QUENCH-02
Jul 7, 98

water
47

2400 completely
oxidized

20/140

QUENCH-03 
Jan 20, 99

water 
40

2350 completely
oxidized

18/120
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For the first-order Wilks formula and standard values of confidence level and cumulative 
probability, both being 0.95, number of calculations needed to be performed is 59. Number of 
calculations to be performed does not grow with the number of uncertain parameters.  

4 CALCULATION AND RESULTS 

4.1 Base Case Results 

Before uncertainty analysis, a base case calculation is needed in order to confirm the validity 
of the model. Therefore, first part of the results refers to the comparison of base case results with 
data measured in the experiment. Base case results were obtained using the boundary conditions, 
e.g. quench water flow rate and pressure at the test bundle inlet and outlet, given in the experiment. 

The base case calculation lasted 3894.5 seconds, which is in agreement with the duration of 
the experiment. The main observed variables are temperatures reached at different elevations in the 
test bundle, collapsed water level in the bundle and total hydrogen production. Results of the base 
case calculation are shown in Figure 4 and Figure 5.  
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However, an additional calculation was carried out with an 
adjusted collapsed water level that matches the measurement, mar-
ked SIM in Figure 6. Total hydrogen production in the additio-
nal calculation was around 15 g, which differs considerably from 
experimentally measured 123 g. Therefore, the input used for all 
further uncertainty calculations was the original base case input, 
with the results for collapsed water level shown in Figure 4. 

Fig. 6. Experimental and simulated (adjusted) collapsed water level in the 
bundle

B. Uncertainty Quantification
In accordance with the Wilks formula, Eq. (3), there was one 

base case calculation and 59 calculations with uncertainties. Re-
sults for all 60 calculations are shown in Figures 7 – 10.

Although the parameters were varied within narrow intervals, 
big variations could be observed in the results. All cases have 
shown a steady continuous increase in temperature until ∼2250 s. 
After that point, some cases show local oxidation of the cladding, 
resulting in hydrogen production and temperature peaks. Highest 
achieved values of temperature and hydrogen production vary gre-
atly depending on the case. 

Figure 7 shows collapsed water level in the bundle. Quenching 
program was initiated at 2600 s, after which there is a sharp incre-
ase in collapsed water level in the bundle. Figure 8 shows the total, 
i.e. cumulative hydrogen production. Total hydrogen production 
varies from 20 to 267 grams. Although there is some oxidation vi-
sible between 2250 and 2600 s, it is quite weak and not noticeable 
in Figure 10. Rapid oxidation and hydrogen production start after 
2600 s. At the same time, there is a noticeable temperature escala-
tion, in some cases exceeding 3000 K, Figure 9. Depending on the 
case, maximum cladding temperature reached from 2422 to 3134 
K. Since total reflooding of the heated part of the bundle occurs 
after 3000 s in most cases, there is almost no production of hydro-
gen after that. Accordingly, Figure 10 shows a very low hydrogen 
production rate after 3000 s and Figure 8 shows that total hydrogen 
production stays almost constant after 3000 s. There is a significant 
temperature decrease after 3000 s, with temperature in most cases 
reaching below 1000 K.

Fig. 7. Collapsed water level in the bundle

Fig. 8. Total hydrogen production

Fig. 9. Maximum cladding temperature

Fig. 10. Hydrogen production rate
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Table 2: QUENCH test matrix [10] 
Test QUENCH 

medium  
injection rate [g/s] 

Temp. at onset of 
flooding  
(at 950 mm) [K] 

Post-test average 
ZrO2 thickness 
(at 950 mm) [µm] 

H2 prod. 
before/during 
cooldown [g] 

QUENCH-02 
Jul 7, 98 

water 
47 

2400 completely 
oxidized 

20/140 

QUENCH-03  
Jan 20, 99 

water  
40 

2350  completely 
oxidized 

18/120 

 
However, an additional calculation was carried out with an adjusted collapsed water level 

that matches the measurement, marked SIM in Figure 6. Total hydrogen production in the 
additional calculation was around 15 g, which differs considerably from experimentally measured 
123 g. Therefore, the input used for all further uncertainty calculations was the original base case 
input, with the results for collapsed water level shown in Figure 4.  

 
Figure 6: Experimental and simulated (adjusted)  

collapsed water level in the bundle 
 

4.2 Uncertainty Quantification 

In accordance with the Wilks formula, Eq. (3), there was one base case calculation and 59 
calculations with uncertainties. Results for all 60 calculations are shown in Figures 7 – 10. 

Although the parameters were varied within narrow intervals, big variations could be 
observed in the results. All cases have shown a steady continuous increase in temperature until 
∼2250 s. After that point, some cases show local oxidation of the cladding, resulting in hydrogen 
production and temperature peaks. Highest achieved values of temperature and hydrogen 
production vary greatly depending on the case.  

Figure 7 shows collapsed water level in the bundle. Quenching program was initiated at 2600 
s, after which there is a sharp increase in collapsed water level in the bundle. Figure 8 shows the 
total, i.e. cumulative hydrogen production. Total hydrogen production varies from 20 to 267 grams. 
Although there is some oxidation visible between 2250 and 2600 s, it is quite weak and not 
noticeable in Figure 10. Rapid oxidation and hydrogen production start after 2600 s. At the same 
time, there is a noticeable temperature escalation, in some cases exceeding 3000 K, Figure 9. 
Depending on the case, maximum cladding temperature reached from 2422 to 3134 K. Since total 
reflooding of the heated part of the bundle occurs after 3000 s in most cases, there is almost no 
production of hydrogen after that. Accordingly, Figure 10 shows a very low hydrogen production 
rate after 3000 s and Figure 8 shows that total hydrogen production stays almost constant after 3000 
s. There is a significant temperature decrease after 3000 s, with temperature in most cases reaching 
below 1000 K. 
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Figure 7: Collapsed water level in the 

bundle 
Figure 8: Total hydrogen production 

 
Figure 9: Maximum cladding 

temperature 
Figure 10: Hydrogen production rate 

 
4.3 Statistical analysis 

Standard deviation represents the mean square deviation of numerical values from their mean. 
Relative standard deviation, i.e. a normalized standard deviation, is calculated as the ratio of the 
standard deviation to the mean, Eq. (4).  
 

      
 

(4) 

 
Relative standard deviation for selected output data is shown in Figure 11. As can be seen, 

large deviation appears for hydrogen production rate (BGTH) and total hydrogen production 
(HYDMASS) at ∼1500 s, when local oxidation occurred in some cases. Although the oxidation was 
very weak, its occurrence in only a few cases caused a large relative standard deviation.  

After the quenching phase started at 2600 s, an increase in relative standard deviation is 
noticeable for all selected output data. The largest deviation appears in hydrogen production rate, 
with maximum values being reached from 3000 to 3100 s. During that period, the bundle is 
completely covered with water for most of the cases. However, that small number of cases with 
uncovered bundle, producing hydrogen, significantly increases the relative standard deviation. 
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C. Statistical analysis
Standard deviation represents the mean square deviation of nu-

merical values from their mean. Relative standard deviation, i.e. 
a normalized standard deviation, is calculated as the ratio of the 
standard deviation to the mean, Eq. (4). 

      

(4)

Relative standard deviation for selected output data is shown 
in Figure 11. As can be seen, large deviation appears for hydrogen 
production rate (BGTH) and total hydrogen production (HYD-
MASS) at ∼1500 s, when local oxidation occurred in some cases. 
Although the oxidation was very weak, its occurrence in only a 
few cases caused a large relative standard deviation. 

After the quenching phase started at 2600 s, an increase in rela-
tive standard deviation is noticeable for all selected output data. 
The largest deviation appears in hydrogen production rate, with 
maximum values being reached from 3000 to 3100 s. During that 
period, the bundle is completely covered with water for most of 
the cases. However, that small number of cases with uncovered 
bundle, producing hydrogen, significantly increases the relative 
standard deviation.

Fig. 11. RSD for selected output data

Correlation coefficient is a value between –1 and 1, used for 
quantifying the relationship between two sets of variables. In this 
case, correlation coefficient is used for quantifying the relationship 
between input variables, such as electrical power profile, and out-
put data. Pearson correlation coefficient, usually represented by r, 
Eq. (5), is the most commonly used correlation coefficient. It is 
used for measuring linear correlation between two sets of data. N 
is the data set size, xi and yi are single values from analyzed data 
sets for each of N calculations, and  and  are mean values for 
both data sets. Positive value of the coefficient indicates a positive 
correlation between the data sets, meaning that increase in the first 
variable tends to lead to increase in the second variable. Absolu-
te value of the coefficient shows the strength of correlation, with 
absolute values higher than 0.7 indicating a strong correlation.   

      

(5)

The highest absolute value of the correlation was obtained 
between the electric power of the heaters and the production of 
hydrogen, due to the relationship between temperature and the zir-
conium oxidation process that produces hydrogen. A positive cor-
relation coefficient shows that a higher temperature in the bundle 
should result in increased hydrogen production. 

Pearson correlation coefficients calculated for different com-
binations of input and output parameters in the described model 
are shown in Figure 12 and Figure 13. Figure 12 shows Pearson 
correlation coefficient between selected input parameters and total 
hydrogen production. Figure 13 shows Pearson correlation coef-
ficient between selected input parameters and maximum cladding 
temperature. Once again, results have shown that electric power of 
the heaters tends to have the strongest influence on the observed 
output parameter.

All the other selected parameters show a negative correlation 
with total hydrogen production. Steam flow actually cools the 
bundle, since steam temperature is low compared to the tempera-
tures reached by the rod cladding. Therefore, increased steam flow 
rate results in decreased hydrogen production, meaning there is a 
negative correlation between the two. Increase in water flow rate 
also results in decreased hydrogen production, cooling the bundle. 
Influence of the water flow rate is visible from 2600 s, when the 
quenching phase started, to 3500 s, when heated length of the rods 
was fully covered. Thermal conductivity of ZrO2 influences the 
hydrogen production negatively from the moment oxidation and 
hydrogen production start to the end of the simulation. Higher ther-
mal conductivity means there is a better heat transfer and, there-
fore, easier cooling of the bundle. That is why there is a negative 
correlation between ZrO2 thermal conductivity and hydrogen pro-
duction. Since higher ZrO2 conductivity enhances cooling of the 
bundle, it negatively influences the hydrogen production.

The results related to the maximum cladding temperature show 
higher amplitudes of the correlation coefficients, but very variable 
values ​​in time, which, unfortunately, do not give clear and unam-
biguous results.

Fig. 12. Pearson correlation coefficient between input parameters and 
total hydrogen production
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production. Since higher ZrO2 conductivity enhances cooling of the bundle, it negatively influences 
the hydrogen production. 

The results related to the maximum cladding temperature show higher amplitudes of the 
correlation coefficients, but very variable values in time, which, unfortunately, do not give clear and 
unambiguous results. 

 
Figure 12: Pearson correlation 

coefficient between input parameters 
and total hydrogen production 

Figure 13: Pearson correlation 
coefficient between input parameters 
and maximum cladding temperature 

5 CONCLUSION 

In the QUENCH-03 experiment analysis 16 parameters have been varied within narrow 
intervals, up to +/−2%, depending on the parameter. Due to the complexity of physical processes 
present during the core quenching, even very small changes in input parameters caused significant 
changes in output data.  

Maximum cladding temperatures reached from 2422 to 3134 K, while the base case 
maximum cladding temperature was 2626 K, proving that input uncertainty introduction leads to 
significant dispersion of output data. Noticeable differences in total hydrogen production are a clear 
indicator of different hydrogen production rates for individual cases. Total hydrogen production 
varied from 20 to 267 grams, while the base case production was 136 g. The biggest differences in 
output data occurred after the quenching phase started, although the differences in temperature are 
visible before that phase, caused by difference in electrical power profiles. Input uncertainty with 
the clearest influence on output data is related to thermal power. Other input parameters also show a 
correlation with output data like maximum cladding temperature, but those correlations, due to the 
complexity of physical-chemical phenomena during core quenching, are not unambiguous.  

It is evident that even small variations of input parameters cause a significant dispersion of 
output data, which shows that relatively small uncertainties considerably affect simulation results 
and determine the further experiment or NPP accident course.  
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Fig. 13. Pearson correlation coefficient between input parameters and 
maximum cladding temperature

V. Conclusion
In the QUENCH-03 experiment analysis 16 parameters have 

been varied within narrow intervals, up to +/−2%, depending on 
the parameter. Due to the complexity of physical processes present 
during the core quenching, even very small changes in input para-
meters caused significant changes in output data. 

Maximum cladding temperatures reached from 2422 to 3134 
K, while the base case maximum cladding temperature was 2626 
K, proving that input uncertainty introduction leads to significant 
dispersion of output data. Noticeable differences in total hydrogen 
production are a clear indicator of different hydrogen production 
rates for individual cases. Total hydrogen production varied from 
20 to 267 grams, while the base case production was 136 g. The 
biggest differences in output data occurred after the quenching 
phase started, although the differences in temperature are visible 
before that phase, caused by difference in electrical power profi-
les. Input uncertainty with the clearest influence on output data 
is related to thermal power. Other input parameters also show a 
correlation with output data like maximum cladding temperature, 
but those correlations, due to the complexity of physical-chemical 
phenomena during core quenching, are not unambiguous. 

It is evident that even small variations of input parameters cau-
se a significant dispersion of output data, which shows that relati-
vely small uncertainties considerably affect simulation results and 
determine the further experiment or NPP accident course. 
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production. Since higher ZrO2 conductivity enhances cooling of the bundle, it negatively influences 
the hydrogen production. 

The results related to the maximum cladding temperature show higher amplitudes of the 
correlation coefficients, but very variable values in time, which, unfortunately, do not give clear and 
unambiguous results. 
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output data occurred after the quenching phase started, although the differences in temperature are 
visible before that phase, caused by difference in electrical power profiles. Input uncertainty with 
the clearest influence on output data is related to thermal power. Other input parameters also show a 
correlation with output data like maximum cladding temperature, but those correlations, due to the 
complexity of physical-chemical phenomena during core quenching, are not unambiguous.  

It is evident that even small variations of input parameters cause a significant dispersion of 
output data, which shows that relatively small uncertainties considerably affect simulation results 
and determine the further experiment or NPP accident course.  
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RPV Irradiation Simulation Using the Contributon Flux 
Solution

 Mario Matijević, Krešimir Trontl, Dubravko Pevec

Summary — An important aspect of PWR lifetime monitoring is 
supporting radiation shielding analyses which can quantify various 
in-core and out-core effects induced in reactor materials by varying 
neutron-gamma fields. A good understanding of such radiation envi-
ronment during normal and accidental operating conditions is requ-
ired by plant regulators to ensure proper shielding of equipment and 
working personnel. The complex design of a typical PWR is posing a 
deep penetration shielding problem for which elaborate simulation 
model is needed, not only in geometrical aspects but also in efficient 
computational algorithms for solving particle transport. This paper 
presents such hybrid shielding approach of FW-CADIS for charac-
terization of the RPV irradiation using SCALE6.2.4 code package. A 
fairly detailed Monte Carlo (MC) model of typical reactor internals 
was developed to capture all important streaming paths of fast ne-
utrons which will backscatter of biological shield and thus enhance 
RPV irradiation through cavity region. Several spatial differencing 
and angular segmentation options of the discrete ordinates (SN) flux 
solution were compared in connection to a SN mesh size and were 
inspected by VisIt code. To optimize MC neutron transport toward 
the upper RPV head, a particularly problematic region, a determini-
stic solution of discrete ordinates (SN) in forward/adjoint mode was 
convoluted in so called contributon flux, which proved to be useful 
for subsequent SN mesh refinement and variance reduction (VR) 
parameters preparation. The pseudo-particle flux of contributons is 
coming from spatial channel theory which can locate spatial regions 
important for contributing to a shielding response.

Keywords — SCALE, FW-CADIS, RPV irradiation, contributon 
flux, shielding

I. Introduction

The Monte Carlo (MC) simulation of radiation penetration 
in shields is nowadays a typical routine in nuclear reactor 
analyses. The maturity of such MC codes and fast pace of 

computer hardware development have enabled rapid use of this 
stochastic method for various tasks in nuclear engineering prac-
tice, so it is customary nowadays to perform simulations of fuel 
assembly (FA) burnup-depletion, reactor eigenvalue criticality and 
radiation shielding on desktop computers and laptops. However, it 

is easy to find peculiar models which are hard to simulate, not only 
on desktop computers but also on larger mainframe computing 
systems, since the brute force method will not circumvent issues 
with specific particle transport cases. One of such examples is a 
deep penetration shielding problem posing an impossible task for 
particles reaching the detector in analog MC mode or even when 
using manual variance reduction (VR) techniques in a tiresome 
trial-and-error way. To alleviate such difficulties a hybrid determi-
nistic-stochastic shielding methodology is frequently used when 
facing such problems [1]. It uses deterministic or mesh-based 
solution of Boltzmann equation as a means to automatically pro-
duce VR parameters which will accelerate final MC simulation. 
However, deterministic transport theory methods, most notably 
discrete ordinates method SN [2], can exhibit certain numerical in-
stabilities if not used properly or without proper understanding sin-
ce the mesh size (cell aspect ratio), spatial discretization, angular 
quadratures and Legendre cross section expansion are numerically 
interdependent.

The objective of this paper was to determine a fairly uniform 
fast neutron flux distribution in RPV of a typical PWR reactor, po-
sing aforementioned deep penetration shielding problem, challen-
ging even for hybrid shielding methods. Regarding the model size 
and complexity level, utilization of any other VR approach, besi-
des a hybrid one, was not justified. A particularly difficult objective 
was proved to be transporting neutrons from reactor core axially 
toward the upper reactor head, since massive flux attenuation is 
present in that region. The backscattering of neutrons on biological 
shield proved to be an important mechanism for RPV irradiation 
which influences total neutron-gamma distribution.

Even though FW-CADIS (Forward-Weighted Consistent 
Adjoint Driven Importance Sampling) methodology from ORNL 
[3][4] was developed for such shielding purposes, it was proved 
inefficient for obtaining uniformly small MC uncertainties in upper 
portions of the PWR reactor model. The same slow MC conver-
gence was present for simulation models with denser SN meshes 
with higher angular quadratures, so a different computational 
approach was needed. Since the main objective of paper was to 
effectively simulate RPV irradiation, from which various respon-
ses could be derived, it was important to locate spatial regions (or 
channels) through which fast neutrons will stream through the ca-
vity region, reflect from biological shield and contribute to RPV 
irradiation. Those important regions that contribute to the desired 
response are implying the way to perform local SN mesh refine-
ment for improving VR parameters. To facilitate this approach, the 
concept of spatial channel theory applied to reactor shielding [5] 
was successfully used on our PWR model.

     This paper is organized as follows. Section 2 gives the des-
cription of the MAVRIC hybrid shielding sequence, which is part 
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of SCALE6 code package. Section 3 gives a short overview of the 
contributon theory, which was implemented and used as a compu-
tational strategy to improve neutron transport toward the upper re-
actor head. The PWR simulation model, including neutron-gamma 
sources, geometry, calculational parameters and VR parameters of 
FW-CADIS is presented in Section 4, together with influence of 
SN spatial differencing option on final MC dose distribution. Sec-
tion 5 gives MAVRIC dose rates inside the PWR model using FW-
CADIS basic solution and contributon-informed solution. Section 
6 gives discussion and conclusions while the referenced literature 
is given at the end of the paper.

II. Hybrid Shielding with Scale6.2.4
The SCALE6.2.4 code package [6] is a comprehensive mode-

ling and simulation suite for nuclear safety analysis and design. It 
was developed for the US NRC for the purpose of the evaluation 
of nuclear facilities and radioactive package designs. The modular 
structure is in the form of analytical (control) sequences with their 
functional modules for performing criticality, shielding, radiation 
source term, spent fuel depletion/decay, reactor physics, and sen-
sitivity analyses. For the purpose of paper brevity, only focus on 
MAVRIC hybrid shielding sequence is given.

The MAVRIC hybrid shielding sequence [7] is based on 
CADIS methodology [1] and its generalization for adjoint sour-
ce weighting using forward flux is known as FW-CADIS [3][4]. 
Both methods are based on the concept of the so-called importance 
function, i.e. solution of the adjoint Boltzmann transport equation 
[8]. These hybrid shielding methods are used for the calculation of 
space-energy dependent VR parameters in the form of the weight 
windows (or importance map) and biased source, which work to-
gether in tandem. The VR parameters are automatically transferred 
to functional module Monaco which is multigroup fixed-source 
3D MC transport code. The integrated SN code Denovo [9] is used 
for solving forward and adjoint fluxes over orthogonal SN meshes 
using Koch-Baker-Alcouffe parallel sweep algorithm and nonstati-
onary Krylov methods to solve within-group equations. The results 
from even intermediate quality Denovo calculation will provide 
superior VR parameters compared to user’s ability to manually 
tune the same ones. For shielding calculations on point detectors 
or small regions, CADIS methodology is preferred, and it is ba-
sed only on adjoint transport solution. For shielding problems with 
multiple detectors (point and region) or mesh tally over large por-
tions of phase-space, FW-CADIS is preferred to obtain uniformly 
small response uncertainties [10]. In the case of optimizing MC 
response over a mesh tally, every cell becomes an adjoint source 
element with inversely weighted strength from forward flux soluti-
on. Such approach will ensure the uniform particle population for 
distant and close tally objects relative to source regions [11]. In our 
PWR simulation model, we are interested in global RPV solution 
of the steady-state transport equation [2] by means of MC particle 
transport:

H qφ = 					     (1)

where H is the linear transport operator,  is the forward flux 
and q is the total source. The solution to Eq. (1) is first be approxi-
mated with forward Denovo SN run. This solution is then used for 
forward-weighting of the adjoint source (i.e. RPV region), which is 
used for adjoint Denovo SN run, solving steady-state, multigroup 
adjoint transport equation

† † †H qφ = 					     (2)

where H is the linear adjoint transport operator,  is the adjoint 
flux, and q is the adjoint source. The adjoint source is users’ region 

of interest where optimized MC results are sought; mathematically 
it is product of the geometric function ( )g r  and the energy 
spectrum corresponding to the response function, which is often 
cross section ( )d Eσ  for reaction rate calculation or dose functi-
on. The adjoint source weighting [7] is done by the integral product 
of the response function and forward SN flux solution as:

† ( ) ( )( , )
( ) ( , )

d

d
E

E g rq r E
E r E dE

σ
σ φ

=
∫




 			 
	 (3)

An average weight of the MC particle is a space-energy functi-
on ( , )w r E

, controlling the process of particle splitting or rou-
letting during MC transport over the space-energy dependent im-
portance map (or weight windows). This average weight of MC 
particle is inversely proportional to SN adjoint flux solution as

†

† †

( , ) ( , )
( , )

( , ) ( , )

q r E r E drdECw r E
q r E r E

φ

φ
= = ∫∫

  


  	 (4)

with C being the normalization constant. The Eq. (4) ensures 
consistency between source biasing and transport biasing, in a way 
that birth weight of particle equals target weight in importance 
map.

III. Short Overview of the Contributon Theory
The concept of spatial channel theory is based on generalized 

reciprocity relation and is used to locate spatial regions that signifi-
cantly contribute to the response of interest [5][12]. Such identified 
locations or “spatial channels” are regions more susceptible to par-
ticle streaming and thus require additional shielding. This theory 
originates from 1970-ties work at ORNL on spatial coupling or 
forward-adjoint flux folding of 2D discrete ordinates calculations 
for shielding optimization. A neutron transport operator L for as 
steady-state form of the transport equation [8] may be defined as

ˆ ˆ( , , ) ( , , ) 0L r E Q r Eψ Ω + Ω =
 

,		  (5)

where 

ˆ ˆ ˆ ˆ ˆ ˆ ˆ( , , ) ( , , ) ( ; , , ) ( , , )L r E r E f r E E r E d dEψ ψ σψ σ ψ′ ′ ′ ′ ′ ′Ω = −Ω∇ Ω − + Ω →Ω Ω Ω∫∫
    .    (6)

The transport operator L is not self-adjoint, since inner pro-
ducts (ψ, Lr→) and (r→, Lψ) of two arbitrary functions ψ and r→ sa-
tisfying the required continuity and boundary conditions are diffe-
rent. However, it is possible to define an adjoint operator L† so that 
for any angular flux ψ we have

† † †, ,L Lψ ψ ψ ψ= ,			   (7)

where ψ† denotes the adjoint angular flux or in short adjoint 
function. The function ψ will typically satisfy in radiation shielding 
free-surface boundary condition i.e. ˆ( , , ) 0r Eψ Ω =


 for all r on 

the convex boundary with incoming particle directions. This impli-
es a system geometry with a nonreentrant surface, so leaked par-
ticle can never be backscattered. Then the adjoint function will sa-
tisfy the boundary condition † ˆ( , , ) 0r Eψ Ω =


 for all r on the 
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boundary with outgoing particle directions. It is assumed that both 
ψ and ψ† are continuous functions of phase-space meaning no diffi-
culties with gradient calculation, so the difference Δ-term from Eq. 
(7) becomes

† †ˆ ˆ ˆ( ) ( ) dVd dEψ ψ ψ ψ ∆ = Ω⋅∇ + Ω⋅∇ Ω ∫∫∫ ,        (8)

and is required to be zero by definition of self-adjoint opera-
tor L†. This can be proved by simple interchange of functions and 
using Gauss theorem to obtain surface integration on which boun-
dary conditions are imposed [8]:

†ˆ ˆ ˆ ˆˆ ( , , ) ( , , )n r E r E dSd dEψ ψ ∆ = ⋅Ω Ω Ω Ω ∫∫∫
 

.      (9)

 

It is evident that the †ψ ψ  product is always zero on the vacu-
um boundary conditi- ons so it satisfies Eq. (7) which is a 
familiar reciprocity theorem used in spatial channel theory. It can 
be recast in a more common form by introducing a fixed forward 
source ˆ ˆ( , , ) ( , , )Q r E L r EψΩ = Ω

 
 and fixed adjoint source 

† † †ˆ ˆ( , , ) ( , , )Q r E L r EψΩ = Ω
 

 as: 

† †, ,Q Qψ ψ= ,				    (10)

with the auxiliary condition on observable or response rate 

.	
                       

These reciprocity equations are frequently used 
in shielding calculations and show how response rate functional 
can be calculated easily based on folding an adjoint flux with a 
forward source, which becomes useful for trending studies, elimi-
nating repetitive forward calculations for a changing source con-
dition. Also, most of the reactor shielding problems have vacuum 
boundary conditions meaning that this reciprocity theorem will be 
useful tool for practical calculations. Continuing with theoretical 
developments [5][12] one would introduce the function which re-
presents a special type of particles, so-called contributons, which 
is defined as a product between forward flux and it’s adjoint as (in 
angle integrated, scalar form):

†( , ) ( , ) ( , )C r E r E r Eφ φ=
  

.			   (11)

The contributon space-energy distribution thus represents the 
flow of particles in a phase-space, starting from the source regi-
on and exiting only through the detector, with no leakage possible 
since every contributon by definition produces a desired response. 
Visually inspecting this distribution over phase-space can provi-
de a useful information to the user; a higher contibution regions 
represent locations with more contribution to the detector respon-
se. Using the standard FW-CADIS methodology in SCALE6.2.4 
code, the user can manually construct a scalar contributon distri-
bution by folding multigroup SN solutions for forward and adjoint 
flux over the structured Cartesian SN mesh. By careful inspection 
of such contributon distribution, using additional transformations 
such as normalization and scaling, the user can pin-point important 
locations and consequently apply local SN mesh refinement for 
improving deterministic VR parameters for subsequent, accelera-
ted MC simulation.

IV. The Pwr Simulation Model

A. MAVRIC model description
The MAVRIC model of the simplified PWR reactor [13][14] 

was initially developed with SCALE6.1.3 code package [15], but 
in meantime was updated for latest version of SCALE6.2.4. It was 
modified for a detailed RPV fast neutron irradiation simulation, 
which is an important factor for estimating operational limits and 
lifetime extension option. The model represents a standard PWR 
thermal reactor of 2300 MWth with a core consisting of 157 fuel 
assemblies (15x15 matrix, pitch 21.504 cm), radially surrounded 
by baffle plates, core barrel thermal shield, RPV, and biological 
shield. The industrial carbon steel A533B (density 7.83 g/cm3) 
with 97.90 w/o Fe and 0.55 w/o Ni was used for the RPV material. 
The FAs were homogenized and represented with stacked axial re-
gions. Typical industrial and text-book data were used for dimensi-
ons and materials of reactor internals, upper and lower RPV heads, 
biological shield, etc.

The reactor critical core was uniformly sampled with a “flat” 
spatial profile and Watt spectrum distribution 

/( ) sinh( )E ap E Ce bE−=  for 235U thermal fission (a = 
1.028 MeV, b = 2.249/MeV, C is normalization factor). The total 
neutron intensity for 2300 MWth was halved giving in turn 8.84e19 
n/s (i.e. 8.84·1019) and 2.53e20 phots/s, in order to simulate neutron 
spatial gradient toward the core periphery. The significant speedup 
in source sampling during MC simulation was the main reason not 
to use mesh-based CAAS source [13] prepared in criticality eigen-
value simulation, since it underestimates neutron flux at the core 
periphery [13]. The fission photon spectrum was explicitly inclu-
ded with a mean value of 7.04 phot/235U fission and secondary 
gamma emission during neutron interactions. The neutron and 
gamma axial profiles of typical PWR were used for biasing neu-
trons during source sampling process in axial direction. 

The MAVRIC model of the PWR reactor is shown in Figure 1, 
representing cylindrical global unit of 2140 cm in height and 828 
cm in diameter. The boundary conditions were all vacuum type.

Fig. 1. MAVRIC model of the PWR reactor with radial and axial 
midplanes shown

Several Denovo numerical and control parameters were chan-
ged from their default values due to computer memory manage-
ment. The lower limit of computer memory consumed by the De-
novo SN solver in double precision is given as [14]

Denovo state size = 2( )( 1)c g k uN N N L N+ + ,	 (12)

where Nc is the number of mesh cells, Ng is the number of 
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Figure 1: MAVRIC model of the PWR reactor with radial and axial midplanes shown 

 
Several Denovo numerical and control parameters were changed from their default values due 

to computer memory management. The lower limit of computer memory consumed by the Denovo 
SN solver in double precision is given as [14] 

 
Denovo state size = 2( )( 1)c g k uN N N L N+ + ,      (12) 
 
where Nc is the number of mesh cells, Ng is the number of energy groups, Nk is the number of 

Krylov vectors, L is the Legendre order of scattering cross section expansion, and Nu is the number 
of unknowns per cell by spatial discretization scheme (default is Step Characteristics, SC). The SC 
differencing has a first-order accuracy [2] i.e., the discretization error decreases linearly with mesh 
size in the asymptotic limit and requires storage of only one unknown per voxel in memory. It will 
typically tend to overestimate the fluxes deep within an attenuating material and it always produces 
positive fluxes for given positive sources. Because of its speed, robustness, positivity, and low 
memory requirements, it is the default scheme in MAVRIC code [6]. Since memory consumption 
grows with ~L2, we gave preference to a better model voxelization and used S10/P1 for 
calculations. Accuracy of the SN solution in phase space is not paramount, since even rudimentary 
solution will accelerate MC convergence. However, the more accurate the importance map is, the 
fewer histories for MC simulation are needed. The workstation used for this work was quadcore i-5 
(3.2 GHz) with 32 GBs of RAM. 

 
4.2 Investigation of spatial differencing scheme 

The following results present the influence of spatial differencing on quality of the SN 
forward-adjoint multigroup solution. The simulation objective was optimization of MC total dose 
rates in complete RPV region of the PWR model. The option "AlowShortImpMap" was used to limit 
MC transport biasing only to the extent of RPV reduced model. This option will terminate any 
particles leaving the importance map. As such, MC is not capturing the process of particle back-
scattering on biological shield and streaming in cavity region, which will influence the total RPV 
irradiation with fast neutrons. The RPV was segmented in 6 region tallies, from upper head, ring, 
radial cylinder to lower head. To capture global MC flux convergence the uniform MC mesh with 
2e6 cells (90x90x250) was used. 

The Monaco MC was used with 1000 batches with 1e5 neutrons per batch, library was "v7-
200n47g" with Centrm xs processing. The Denovo SN was used with "respWeighting" option, 
"v7-27n19g" library, variable spatial differencing, uniform SN mesh with 3.8e6 cells 
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energy groups, Nk is the number of Krylov vectors, L is the Legen-
dre order of scattering cross section expansion, and Nu is the num-
ber of unknowns per cell by spatial discretization scheme (default 
is Step Characteristics, SC). The SC differencing has a first-order 
accuracy [2] i.e., the discretization error decreases linearly with 
mesh size in the asymptotic limit and requires storage of only one 
unknown per voxel in memory. It will typically tend to overesti-
mate the fluxes deep within an attenuating material and it always 
produces positive fluxes for given positive sources. Because of its 
speed, robustness, positivity, and low memory requirements, it is 
the default scheme in MAVRIC code [6]. Since memory consump-
tion grows with ~L2, we gave preference to a better model voxeli-
zation and used S10/P1 for calculations. Accuracy of the SN solu-
tion in phase space is not paramount, since even rudimentary solu-
tion will accelerate MC convergence. However, the more accurate 
the importance map is, the fewer histories for MC simulation are 
needed. The workstation used for this work was quadcore i-5 (3.2 
GHz) with 32 GBs of RAM.

B. Investigation of spatial differencing scheme
The following results present the influence of spatial differen-

cing on quality of the SN forward-adjoint multigroup solution. The 
simulation objective was optimization of MC total dose rates in 
complete RPV region of the PWR model. The option “AlowS-
hortImpMap” was used to limit MC transport biasing only to 
the extent of RPV reduced model. This option will terminate any 
particles leaving the importance map. As such, MC is not captu-
ring the process of particle back-scattering on biological shield 
and streaming in cavity region, which will influence the total RPV 
irradiation with fast neutrons. The RPV was segmented in 6 regi-
on tallies, from upper head, ring, radial cylinder to lower head. To 
capture global MC flux convergence the uniform MC mesh with 
2e6 cells (90x90x250) was used.

The Monaco MC was used with 1000 batches with 1e5 neu-
trons per batch, library was “v7-200n47g” with Centrm xs pro-
cessing. The Denovo SN was used with “respWeighting” 
option, “v7-27n19g” library, variable spatial differencing, uniform 
SN mesh with 3.8e6 cells (110x110x310), S10/P1 parameters with 
multigroup GMRES solver and tolerance set to 1e-6. Macromate-
rials were refined with lower value “mmTolerance” of 0.0625. 
The adjoint source was defined using the “boundingBox” op-
tion and mixture material set to the RPV region with an energy 
spectrum corresponding to total dose rate function in rem/hr.

To demonstrate the robustness of SC differencing with regard 
to mesh size and voxel aspect ratios, comparison was done with 
other higher-level differencing schemes in Denovo1. A smooth and 
continuous adjoint source distribution can be noticed only in SC 
scheme, which is a key feature for stability of MC transport. In 
the case of abrupt flux change between neighboring cells one can 
expect particle oversplitting with abnormally long MC histories 
leading to “batch freeze” situation. The flux oscillations, zero- 
and negative-valued flux cells can be mitigated using appropriate 
weighting, but with increment in CPU time. The comparison of 
neutron adjoint fluxes and distributed adjoint sources for spatial 
schemes with one unknown per voxel (SC, DD, DDFF, TWDD) 
is shown in Table 1. 

The linear and trilinear discontinuous schemes have second-
order accuracy, but do not ensure positivity. The LDFE and TLD-
FE methods require storage of four and eight unknowns per voxel, 
respectively, with similar increase in run time and memory leading 
to reduced mesh quality for the same allocated RAM. In the case 
of fine meshes they will give very accurate results but will often 
break down on coarser grids. The LD scheme tends to be rather 
sensitive to the aspect ratio of the mesh voxels. While the TLD 
scheme is more robust than LD, both of them incur a significant 
memory and CPU time cost, making them generally unfavorable 
for hybrid shielding.
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(110x110x310), S10/P1 parameters with multigroup GMRES solver and tolerance set to 1e-6. 
Macromaterials were refined with lower value "mmTolerance" of 0.0625. The adjoint source was 
defined using the "boundingBox" option and mixture material set to the RPV region with an energy 
spectrum corresponding to total dose rate function in rem/hr. 

To demonstrate the robustness of SC differencing with regard to mesh size and voxel aspect 
ratios, comparison was done with other higher-level differencing schemes in Denovo1. A smooth 
and continuous adjoint source distribution can be noticed only in SC scheme, which is a key feature 
for stability of MC transport. In the case of abrupt flux change between neighboring cells one can 
expect particle oversplitting with abnormally long MC histories leading to “batch freeze” situation. 
The flux oscillations, zero- and negative-valued flux cells can be mitigated using appropriate 
weighting, but with increment in CPU time. The comparison of neutron adjoint fluxes and 
distributed adjoint sources for spatial schemes with one unknown per voxel (SC, DD, DDFF, 
TWDD) is shown in Table 1.  

The linear and trilinear discontinuous schemes have second-order accuracy, but do not ensure 
positivity. The LDFE and TLDFE methods require storage of four and eight unknowns per voxel, 
respectively, with similar increase in run time and memory leading to reduced mesh quality for the 
same allocated RAM. In the case of fine meshes they will give very accurate results but will often 
break down on coarser grids. The LD scheme tends to be rather sensitive to the aspect ratio of the 
mesh voxels. While the TLD scheme is more robust than LD, both of them incur a significant 
memory and CPU time cost, making them generally unfavorable for hybrid shielding. 

Table 1: Comparison of adjoint flux (1st row) and adjoint source (2nd row) for different spatial 
discretization schemes (S10/P1 solution) 

SC DD DDFF TWDD 

    

    
 
The MAVRIC simulation cases with various spatial schemes using S10/P1 parameters are 

shown in Table 2 with CPU timing for different FW-CADIS calculation steps. The case-based MC 
total dose rate distribution is shown in Figure 2, while associated relative errors are shown in Figure 
3. It is evident that only SC spatial scheme generated VR parameters which are capable of 

                                                 
1   DD (diamond difference), DDFF (diamond difference flux-fixup), TWDD (theta-weighted diamond 

difference), LDFE (linear discontinuous finite element), SC (step characteristic), TLDFE (trilinear discontinuous finite 
element). 

1

1	 DD (diamond difference), DDFF (diamond difference flux-fixup), TWDD (theta-weighted diamond difference), LDFE (linear discontinuous finite element), SC 
(step characteristic), TLDFE (trilinear discontinuous finite element).
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The MAVRIC simulation cases with various spatial schemes 
using S10/P1 parameters are shown in Table 2 with CPU timing 
for different FW-CADIS calculation steps. The case-based MC 
total dose rate distribution is shown in Figure 2, while associated 
relative errors are shown in Figure 3. It is evident that only SC spa-
tial scheme generated VR parameters which are capable of produ-
cing uniform flux distribution over the RPV interior. The obtained 
results also predict the region of upper RPV head and underneath 
space as the most difficult one for neutron transport, demanding 
alternative importance map capable of “pushing” neutrons through 
these highly attenuating materials. This shielding problem was the-
refore selected for testing contributon-based SN mesh refinement 
approach but using full MC model and back-scattering of fast neu-
trons from biological shield in cavity space.

Table II:  
The CPU Time for Different Spatial Schemes Using S10/P1

Spatial 
scheme

Denovo 
forward SN 
(hrs)

Denovo 
adjoint SN 
(hrs)

Total 
Denovo 
SN (hrs)

Monaco 
MC (hrs)

Total 
SN + MC 
(hrs)

SC 7.69 10.35 18.04 37.04 55.08
DD 4.23 5.81 10.04 6.11 16.15
DDFF 1.30 18.82 20.12 22.58 42.70
TWDD 12.03 16.20 28.23 39.27 67.50
LDFE 6.01 9.09 15.1 89.45 104.55
TLDFE 28.74 39.30 68.04 36.97 105.01

V. RPV Head Irradiation Using Contributon 
Theory

This section demonstrates usage of the contributon theory 
in the FW-CADIS framework to develop an improved adjoint-
forward flux solution by means of local SN mesh refinement. The 
objective of calculation is to optimize upper RPV head irradiati-
on by fast neutrons (E > 0.1). Using the total or energy-integra-
ted contributon flux as an information for mesh refinement is a 
reasonable approach in case of simulating fast neutron transport 
above 0.1 MeV, i.e. only first 8 energy groups in the broad shiel-
ding library “v7_27n19g” and first 106 groups in the fine library 
“v7_200n47g”. Visually inspecting multigroup SN flux solutions 
in the fast energy range, one can notice a high degree of similarity 
between group flux profiles, implying overall similar neutron reac-
tions and mean free paths. The energy-integrated flux will thus be a 
good representative, in an averaged sense, for particle interactions 
in those fast neutron groups, so user can perform forward-adjo-
int flux folding to produce a total contributon flux. This approach 
proved to be useful for fast neutron transport, since only the most 
energetic neutrons will have the highest probability for reaching 
the distant RPV regions. In case the user objective is in total flux or 
dose rates inside RPV, complete neutron spectrum must be taken 
into account but with gross difference in group-wise flux profiles 
of forward, adjoint and contributon - this implies how the total 
contributon flux will not be a good representative for all groups, 
so group-wise SN mesh refinement would be necessary. For that 
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case, neutron spectrum decomposition is needed, and SN mesh re-
finement should be done on group-by-group basis using an exact 
multigroup contributon solution [16].

To summarize our approach: using the total contributon flux 
for local SN mesh refinement is apparently justified when tran-
sporting fast neutrons which is our case of RPV irradiation with 
neutrons above 0.1 MeV. Auxiliary MAVRIC utilities were used to 
post-process intermediate Denovo SN results of FW-CADIS met-
hodology in the following steps:

1.	 Basic FW-CADIS solution of fast neutron flux in RPV 
head

2.	 Copy multigroup forward and adjoint fluxes from a temp 
directory

3.	 Repair zero or negative cell flux values in forward and 
adjoint solutions

4.	 Construct multigroup contributon as product of forward 
and adjoint components

5.	 Integrate multigroup 
contributon to a total or single-group value

6.	 Normalize total contributon using maximum cell-value
7.	 Use a high-pass filter to retain contributon values above 

user value 2 1

The last point should be commented: the total contributon flux 
can be “clipped” by manually increasing the lowest distribution 
value, with an upper value of 1.0 due to normalization. In this way 
the user has an ability to fine-tune distribution and retain only that 
amount of information judged to be important for the shielding 
objective. In this study we have retained the normalized contribu-
ton information in three ranges (or cases): a) 0 - 0.1; b) 1 - 0.01; c) 
1 - 0.001.

A. MAVRIC FW-CADIS Basic and Contributon-
Based Solution

The basic FW-CADIS solution of RPV head irradiation is pre-
sented next. The fast neutron spectrum above 0.1 MeV was prepa-
red in a simple histogram form:

  response 99
    title=”fast neutron spectrum above 

0.1 MeV”
    neutronBounds 0.01e-10 1.0e-05  0.1e+06  

20.0e+06  end
    values 0.0  0.0  1.0  end
  end response

The adjoint source was spatially limited to upper head with a 
fast neutron spectrum (E > 0.1 MeV). Denovo SN was used with 
“respWeighting” option, S4/P1 with SC spatial differencing, 
shielding library was “v7-27n19g”, lower tolerance of 1e-6 for 
fluxes, and macromaterial option which produced 450 pseudo-
materials from basic 23. The option “saveExtraMaps” was 
activated for keeping intermediate SN results. The SN mesh was 
uniform with 1.6e6 cells (85x85x220) covering cylindrical global 
unit (diameter 828 cm, height 2140 cm), giving cell size of cca 
10 cm. Monaco MC was used with 10e6 neutron histories (200 
batches, 50000 per batch) with “allowShortImpMap” option, 
“noFissions” and “noSecondaries” options, and fine gro-
up shielding library “v7-200n47g”. The MC mesh tally was uni-
form with 2.0e6 cells (92x92x240) covering the same unit, giving 
cell size of 9 cm. The distribution of forward and adjoint SN source 
is presented in Figure 4, with a clear effect of source axial biasing 
and forward-weighting.

2	 Based on engineering judgement by visually inspecting contributon 
distribution

Fig. 4. Distribution of forward and adjoint SN source

The distribution of forward, adjoint and contributon flux is pre-
sented in Figure 5. It is seen how the axial PWR region above the 
core has the highest neutron attenuation, effectively shielding the 
upper head from fast neutrons. The contributon maximum is loca-
ted in the cavity region of biological shield, indicating intense neu-
tron streaming and back-scattering. Finally, the mesh tally of fast 
neutron flux with relative errors is shown in Figure 6. The RPV 
upper head flux was 6.12e4 n/cm2/s with relative error of 31%, 
which is statistically not acceptable MC solution after 20 CPU 
hours. To lower the RPV head error to cca 10%, which would be a 
satisfactory result regarding the model size, a factor of 9 increase 
would be needed in histories and CPU time, amounting to 180 
hours per run. Even then there is no strict guarantee that MC relati-
ve error would decrease as 1/ N , where N is the number of 
neutron histories.

Fig. 5. Forward, adjoint and contributon SN flux solution

  Fig. 6. MC fast neutron flux solution (n/cm2/s) with relative errors
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The total contributon flux is now presented in three ranges as stated before and shown in 

Figure 7: A (1 - 0.1), B (1 - 0.01) and C (1 - 0.001). The fast neutron streaming is very indicative, 
showing importance of fast neutron scattering on biological shield for upper head irradiation. This 
phenomenon is pronounced in axial cavity direction (not inside RPV) so SN mesh refinement in z-
axis could be an effective method to improve VR parameters. The idea is to locally rebalance SN 
mesh with a minimum increase in total cell number. For that purpose, a short C-program was 
written for generating locally refined SN mesh in accordance with contributon ranges, in a format 
suitable for SCALE input. The mesh refinement process is shown in Figure 8, where smaller cells 
correspond to important regions by contributon values from Figure 7. It should be emphasized how 
Denovo works only on Cartesian structured meshes, so every plane defined in x, y or z axis extends 
through the whole domain. 

 

     
Figure 7: Contributon flux with ranges A, B and C showing important regions 

 
Using such axially refined SN meshes the FW-CADIS shielding calculation of PWR head 

was repeated three times and obtained results are presented in Figure 9. A small improvement in 
overall MC statistics can be seen for range B, but it's more useful to present obtained result in a 
tabulated form. Tables 3, 4, and 5 provide such comparison between basic run and contributon runs 
(A, B, C) with varying order of quadrature sets (S4, S8, S24). 
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The total contributon flux is now presented in three ranges as 
stated before and shown in Figure 7: A (1 - 0.1), B (1 - 0.01) and C 
(1 - 0.001). The fast neutron streaming is very indicative, showing 
importance of fast neutron scattering on biological shield for upper 
head irradiation. This phenomenon is pronounced in axial cavity 
direction (not inside RPV) so SN mesh refinement in z-axis could 
be an effective method to improve VR parameters. The idea is to 
locally rebalance SN mesh with a minimum increase in total cell 
number. For that purpose, a short C-program was written for ge-
nerating locally refined SN mesh in accordance with contributon 
ranges, in a format suitable for SCALE input. The mesh refinement 
process is shown in Figure 8, where smaller cells correspond to 
important regions by contributon values from Figure 7. It should 
be emphasized how Denovo works only on Cartesian structured 
meshes, so every plane defined in x, y or z axis extends through the 
whole domain.

Fig. 7. Contributon flux with ranges A, B and C showing important 
regions

Using such axially refined SN meshes the FW-CADIS shiel-
ding calculation of PWR head was repeated three times and obta-
ined results are presented in Figure 9. A small improvement in 
overall MC statistics can be seen for range B, but it’s more useful 
to present obtained result in a tabulated form. Tables 3, 4, and 5 
provide such comparison between basic run and contributon runs 
(A, B, C) with varying order of quadrature sets (S4, S8, S24).

Fig. 8. Local SN mesh refinement for contributon ranges A, B and C

Fig. 9. MC fast neutron flux errors for contributon ranges A, B and C

One can notice cases of drastic improvement in upper head MC 
statistics with a minimal cell number increase for locally refined 
SN meshes. This is particularly true for S4/P1 variant where refi-
ned mesh incurred only 20% more cells but resulted in 3.4 times 
lower error. The improved quadrature sets resulted in drastic CPU 
time decrease of MC runs, but only at expense of long SN runs, so 
total (SN+MC) CPU time gets the same for S4 and S24 sets. Of 
course, using high-order quadrature sets will produce small values 
of ordinates μN, so to preserve SN flux positivity the mesh spacing 
should be more stringent in meeting the criterion 1/ 2λ µ∆ < , 
where Δ is the cell size, λ is the neutron mfp (mean 
free path) and 1µ  is the minimum value in the quadrature set [2]. 
Since it’s not always easy to meet such criterion with inter-
dependence of SN/PN parameters and mesh size, the proposed step 
3. proved to be useful for numerical stability of FW-CADIS. Con-
sidering the total CPU time of only 7.9 hrs for reaching similar MC 
results, it appears how S8/P1 parameters would be suitable for con-
tributon-informed hybrid shielding simulations with FW-CADIS 
methodology.

Table III:  
Influence of Contributon Level on FW-CADIS with S4/P1

FW-CADIS  S4/
P1 case

MC upper 
head
flux (n/
cm2/s)

MC 
error
(1 
sigma)

FOM (/min) SN + MC
time (hrs)

refined 
mesh /
basic 
mesh

Basic run 6.12E+04 0.31 8.76E-03 0.8 + 20.0 1.00

Contributon A 6.82E+04 0.26 9.01E-03 0.9 + 26.4 1.18

Contributon B 4.59E+04 0.09 8.62E-02 0.9 + 21.6 1.20

Contributon C 1.27E+05 0.41 3.16E-03 1.0 + 31.2 1.29

Table IV:  
Influence of Contributon Level on FW-CADIS with S8/P1

FW-CADIS  S8/
P1 case

MC upper 
head flux (n/
cm2/s)

MC 
error       
(1 
sigma)

FOM (/min) SN + MC
time (hrs)

refined 
mesh /
basic 
mesh

Basic run 5.90E+04 0.13 1.53E-01 2.2 + 6.8 1.00

Contributon A 4.93E+04 0.09 3.76E-01 2.6 + 5.3 1.20

Contributon B 8.73E+04 0.26 4.04E-02 2.7 + 6.2 1.21

Contributon C 6.24E+04 0.12 1.88E-01 2.6 + 5.8 1.21

Table V:  
Influence of Contributon Level on FW-CADIS with S24/P1

FW-CADIS  
S24/P1 case

MC upper 
head flux (n/
cm2/s)

MC error       
(1 
sigma)

FOM (/min) SN + MC
time (hrs)

refined 
mesh /
basic 
mesh

Basic run 6.84E+04 0.11 4.39E-01 16.2 + 2.9 1.00

Contributon A 5.20E+04 0.08 9.45E-01 17.8 + 2.7 1.09

Contributon B 7.01E+04 0.17 1.98E-01 17.6 + 2.8 1.11

Contributon C 5.70E+04 0.08 9.55E-01 18.2 + 2.8 1.13
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Finally, it’s worth noting how increasing the axial refinement 
region by considering contributon flux with a small lower bound, 
one would lose “locality” of SN mesh refinement and produce a 
new mesh with a worsen aspect ratio of the mesh voxels, i.e. com-
bination of small and large cells. This situation can be seen for S4/
P1 variant, case C, where MC error jumped to 41% even though 
refined mesh had 29% more cells compared to the basic run.

Conclusion
This paper investigates a potential improvement in FW-CADIS 

hybrid shielding methodology by using the contributon theory. The 
contributon flux, created by folding forward-adjoint SN solution, 
proved to be useful for subsequent local SN mesh refinement and 
improved variance reduction parameters preparation. The pseudo-
particle flux of contributons is coming from spatial channel the-
ory which can locate spatial regions important for contributing to 
a shielding response. This approach was successfully applied to a 
difficult shielding problem of RPV upper head irradiation by fast 
neutrons (E > 0.1 MeV). The contributon maximum was noticed 
in the axial cavity region of the biological shield, implying high 
influence of neutron streaming and scattering for reaching the RPV 
upper head. Three ranges of normalized contributon flux were pro-
posed and used for subsequent axial mesh refinement. The refined 
SN mesh proved to be a rather sensitive to voxel aspect ratio but 
finally produced improved MC results with minimal increase in 
cells. Numerical investigation showed how S8 quadrature set on 
refined mesh produced satisfactory MC result with CPU time de-
crease of almost 3 times compared to S4 and S24 sets. The obta-
ined conclusions should be however used judiciously, since more 
numerical investigation is necessary on similar deep-penetration 
shielding problems.
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